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Abstract
An analytical study has been performed to assess actuation and sensing
approaches for dynamic surge suppression in a helicopter gas turbine engine through the
use of closed-loop feedback control. The motivation for the research is to relax the
constraints that aerodynamic instabilities, specifically compressor surge, place on gas
turbine engine operating range and performance.
A lumped parameter model of a helicopter gas turbine engine was used to assess
the importance of features of the engine environment, such as high compressor pressure
ratios, non-isentropic processes (specifically, combustor heat-release and energy
dynamics) and rotor speed fluctuations. The analysis showed that for the pressure ratios
and heat-release levels expected, density fluctuations at the compressor inlet and heat
addition in the combustor can have a significant effect, but rotor speed fluctuations had a
negligible influence on engine stability.
Various surge control actuation strategies were evaluated involving mass injection
at the diffuser throat, a close-coupled valve (flow-fence), mass injection at the
compressor inlet, mass flow bleed at the compressor exit, fuel-flow modulation, and an
auxiliary plenum which functions as an aerodynamic damper. The sensors examined
were compressor duct mass flow, burner pressure, and compressor inlet total pressure. A
stability analysis of each actuator/sensor pair was performed using model parameters
estimated for a LTS-101 helicopter engine. Constraints were imposed on the controller
bandwidth and gain to represent practical implementation limitations.
The results indicate that the most effective actuation approaches are close-coupled
to the compressor to modulate the flow momentum in the duct, namely, diffuser throat
injection, the close-coupled valve, and compressor inlet injection. All three actuators
performed well with mass flow sensing, however, the practical constraints on actuator
bandwidth were found to limit their performance. Diffuser throat injection combined
with an inlet total pressure sensor was the most promising scheme. Several actuator/
sensor combinations were also observed to perform well with low bandwidth actuators.
Finally, for the engine system parameters examined a passive aerodynamic damper was
also predicted to provide some stabilization capability, although considerably less than
the best active control approaches.
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Chapter 1
Introduction
1.1 Background
It is well known that the lower useful operating range of both axial and centrifugal
compressors in aero gas turbine engines (as well as many other turbomachine pumping
systems) is limited by the onset of either surge or rotating stall. Surge and rotating stall
are two distinctly different, but not unrelated, types of self-excited aerodynamic
instabilities which are usually encountered as the compressor is throttled slightly past the
peak of its pressure rise verses mass flow performance curve. Surge is a global system
instability characterized by large amplitude, essentially one-dimensional, oscillations in
engine mass flow and pressure as shown schematically in Fig. 1.1. Surge depends not
only upon the local compressor performance but also the ducting, volumes and throttling
elements in the system. Rotating stall is a localized instability characterized by two-
dimensional (or three-dimensional) regions of low mass flow (stall cells) that rotate about
the compressor annulus at some fraction of the rotor speed. In fully developed rotating
stall the annulus averaged mass flow and pressure rise are essentially constant at much
reduced values from the unstalled state (see Fig 1.1). Both types of instabilities are
undesirable for performance and safety reasons and there is thus a strong desire to avoid
their occurance at all times.
Conventional practice in the aero engine industry is to use a safety margin, referred
to as surge margin, so the compressor always operates a safe distance from the stability
limit line or surge line. These surge margins can be up to 25 percent to allow for
variations in the surge and operating lines due to inlet distortion, engine transients,
manufacturing tolerances and deterioration. The necessity for this substantial surge
margin may restrict the compressor from operating in regions of higher pressure rise and
efficiency.
In recent years much interest has been expressed in the development of methods to
relax or control the constraints placed on engine performance and operating range by
compressor aerodynamic instabilities. One approach which has received considerable
interest is the use of closed-loop feedback control to dynamically suppress these
instabilities, shifting the surge line to lower flow rates as illustrated schematically in Fig.
1.2. The conceptual basis for dynamic control is based on the observation that the large
amplitude limit cycle phenomena of surge and rotating stall initially begin as small
amplitude disturbances. Epstein et al. [1] first proposed the idea of stabilizing the
compressor by suppressing the unsteady disturbances while they are small, thus requiring
little control power. In this approach a sensor detects the fluid disturbances and a signal is
fedback (modified via an appropriate control law) to an actuator which creates the
appropriate perturbations. The closed-loop combination of the compressor and controller
behaves as a different system with new dynamic properties that can be designed to
enhance the stability of the system. The advantage of this method is that by only actuating
on the unsteady disturbances the steady-state compressor performance should remain
virtually unaltered.
To date both active and aeromechanical feedback methods have been studied to
stabilize compression systems under the single title of dynamic control. Active control
generally refers to the use of external electromechanical actuators, plus sensors and
processors to provide feedback in the system. Aeromechanical control, on the other hand,
refers to the use of a tailored structure, or an external aerodynamic device, to provide
feedback through unsteady interaction with the compression system aerodynamics. The
two different methods of providing feedback are similar in physical mechanism, however,
because both act to increase the unsteady energy dissipation (i.e. damping) by modifying
the system dynamics.
Dynamic control of surge and rotating stall has been demonstrated in university
laboratories on small centrifugal turbochargers [2,3,4,5] and low speed single and three
stage axial compressors [6,7,8], respectively. Both active and aeromechanical feedback
methods have been used. Although the results of these initial proof of concept
demonstrations are promising (increases in the stable flow range of 25 percent for surge
and 20 percent for rotating stall), the feasibility or effectiveness of using dynamic control
in actual engine operating environments has yet to be resolved. Recently several
university, industry and government research programs have been launched to address
issues related to the implementation of dynamic surge and rotating stall control in high
performance aero engines. One such project at the MIT Gas Turbine Lab involves the
dynamic control of a helicopter engine [9,10,11]. This thesis is concerned with issues
related to the implementation of dynamic surge control in a high performance helicopter
engine.
1.2 Problem Definition
Previous demonstrations of dynamic surge control have shown that an accurate
surge model is necessary for the design of successful control strategies [2,3,4,5]. There
are several lumped parameter surge models essentially based on that proposed by
Emmons, et al. [12] and further developed by Greitzer [13]. This relatively simple model
has been shown to capture the surge dynamics of the laboratory compressor rigs that have
been tested, but its utility for a helicopter gas turbine engine has yet to be resolved. For
instance, it is unclear how the surge dynamics are affected by compressibility, high
pressure ratios, heat-release in the combustor and compressor/turbine shaft dynamics.
Therefore, there is a need to assess the validity of the lumped parameter modelling
assumptions for a gas turbine engine, and to assess the importance of some of the
additional phenomena present in these engines.
A goal of dynamic surge control is to achieve maximum flow range extension,
which essentially means to stabilize the system to maximum compressor slopes. The latter
is a more appropriate figure of merit because it affects stability directly; stability is more
difficult to achieve as the slope of the pressure rise verses flow characteristic is increased.
This creates a challenge to dynamic surge control because high pressure ratio compressors
tend to have steeply sloped characteristics, and the compression system must therefore be
stabilized to large slopes to achieve significant flow range extension. In other words,
more effective actuators are needed for successful surge control in high performance gas
turbine engines.
Another issue is the restricted accessibility available for actuators. Most of the
actuation approaches used to stabilize surge in the laboratory compressor rigs (e.g.
movable plenum wall) are not practical for implementation in existing gas turbine engines.
Thus new actuation approaches must be developed which do have a possibility for
successful implementation in a gas turbine engine.
1.3 Previous Work
1.3.1 Surge Modelling
In 1955 Emmons, et al. [12] first proposed the analogy between surge oscillations
in a compression system and the acoustic oscillations of a Helmholtz resonator. In this
pioneering work the fluid in the compressor ducting is modelled as the (incompressible)
system inertia, the fluid in the plenum chamber as the (compressible) system compliance,
and the compressor and throttle as damping elements (modelled as quasi-steady actuator
disks). The stability of the compression system to small perturbations was examined by
linearizing the resulting lumped parameter equations.
In 1976 Greitzer [13] extended this model to the non-linear regime to study the
post-stall transients of a low speed 3-stage axial compressor rig. His numerical
simulations of the limit cycle behavior of this compression system showed good
agreement with experiment. A non-dimensional parameter was developed as the dominant
similarity parameter upon which the surge dynamics depends. This parameter, B, is
defined as
UT VP U T  (11)
2 ap Lecd Ac  2 (OH
. 
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The physical mechanism responsible for surge was also identified as a self-excited
dynamic instability that occurs when the compressor, while operating at positive slopes,
feeds more unsteady mechanical energy into the flow disturbances than the throttle can
dissipate.
Fink [14] used the same basic lumped parameter surge model to study the linear
and non-linear surge dynamics of a small centrifugal turbocharger rig. He included the
rotor speed variations (i.e. shaft dynamics) due to torque imbalances between the
compressor and the drive turbine. Non-linear simulations of both "mild" and "deep"
surge cycles showed good agreement with the measured data. Fink also presented a linear
stability analysis to assess the importance of turbospool shaft dynamics and a (first-order)
time lag in compressor response. Both phenomena had a slight stabilizing influence on
linear stability (i.e. surge inception) for practical values of rotor inertia and compressor
time lag, but a much greater impact on the non-linear surge dynamics.
Simon [5] experimentally measured the transfer function of a small centrifugal
turbocharger to assess the validity of the simple actuator disk compressor model. His
comparisons of measured and analytically predicted transfer functions using various
modelling assumptions allowed the following conclusions to be made: (1) an actuator
disk model gives good quantitative agreement with measured data, (2) the quasi-steady
assumption is appropriate for control design purposes and (3) a first-order time lag is a
valid model of the unsteady compressor response at reduced frequencies of order unity, as
defined in Chapter 2.
Several researchers [2,3,4,5] have used this basic model in the design of dynamic
surge control strategies for small centrifugal turbocharger rigs. The linearized lumped
parameter surge equations were modified to include the effects of the actuators, sensors
and control laws and parametric studies were performed to the find the optimum control
parameters that maximized system stability. Comparison of the measured control
effectiveness with the theoretically predicted performance indicated that the lumped
parameter model adequately captured the surge dynamics as well as showed its usefulness
as a tool for the design of dynamic control strategies.
More complex surge models have also been developed to include additional
phenomena believed to be important for high performance gas turbine engine compression
systems. Several surge models have been developed which relax the isentropic process
assumption in the plenum [15] and allow a finite heat-release [16]. However, no clear
criteria were identified which must be violated for the isentropic plenum assumption to
become invalid.
Other researchers [17,18] have developed multi-volume blade-row by blade-row
models of multi-stage axial flow compressors. In these models the single compressor
actuator disk is replaced by multiple blade-row actuator disks with inertia and compliance
between each stage. It is not clear from this work when the compressor internal stage
dynamics are important and when they are not. The recent push to demonstrate dynamic
control in high performance compressors has made this an important research topic. In
one such project [19, 20] a compressible (distributed parameter) linearized model was
developed to study the affect of compressibility on surge, rotating stall and acoustic
instabilities in high speed multi-stage axial compressors. In another project [37] a
subsonic compressible model was used to study the active control of rotating stall, not
surge, in a low speed centrifugal compressor. No research to date has addressed the
different stalling behavior observed in high and low pressure ratio centrifugal machines.
1.3.2 Dynamic Control of Surge
As mentioned above, there have been several successful demonstrations of
dynamic surge control using both active and aeromechanical feedback techniques. Huang
[2] first demonstrated active surge control using a movable plenum wall sensing plenum
pressure; Pinsley [3] actively modulated a variable area throttle valve at the plenum exit
also sensing plenum pressure. Both of these approaches used proportional control laws.
Gysling [4] demonstrated the feasibility of an aeromechanical feedback approach using a
structurally tailored plenum wall, driven by pressure perturbations, to achieve dynamic
surge control. These approaches achieved flow range extensions on the order of 25
percent by actuating and sensing in the plenum chamber downstream of the compressor.
Simon [5] studied a variety of active surge control strategies using proportional
(constant gain) control. In this study combinations of 1-D actuator and sensor pairs were
modelled and analyzed as shown in Fig. 1.3. Several important conclusions were drawn
from the results:
* The proper pairing of the actuator and sensor is crucial for successful control (in
other words, no actuator is effective independent of the sensor)
* Control is more difficult as the B parameter and compressor slope are increased
* The most promising actuators are close-coupled to the compressor to alter the
flow momentum, while sensing compressor mass flow
* The source of the disturbance driving the system has a strong influence on
control effectiveness
Simon also experimentally demonstrated active control using a close-coupled, variable
area throttle valve with a velocity (mass flow) sensor in the compressor duct. As
predicted, the close-coupled valve achieved a greater flow range extension than previous
control strategies which actuated in the downstream plenum, although a steady-state loss
across the valve was measured in the actively stabilized flow region. Simon attempted to
minimize the performance penalty associated with close-coupled valve control and
demonstrated an approximate 35 percent flow range extension with reduced losses.
There are several common features of the proof of concept demonstrations
discussed above. The experiments were all done on small centrifugal turbocharger rigs
with pressure ratios of roughly 2 and Helmholtz frequencies (roughly the time scale of the
small amplitude surge inception oscillations) in the range of 10 to 30 Hertz. Thus steep
compressor slopes and high actuator bandwidths were not required to achieve significant
flow range extension in these systems. The work also does not address issues associated
with the influence of the different stalling behavior observed in high and low pressure
ratio centrifugal compressors (discussed in Ref. 21) on the effectiveness of dynamic
control.
As mentioned earlier, several research projects have begun to address issues
related to extending dynamic surge control into the high performance gas turbine engine
regime. In one experiment [22,23], a 2.6 percent flow range extension was achieved in a
60 horsepower auxiliary power unit using air injection into the impeller and diffuser
pressure sensing to stabilize surge. The authors stated that axisymmetric (one-
dimensional) control was not effective and that it was necessary to stabilize the non-
axisymmetric (two-dimensional) disturbance believed to be the "triggering" mechanism for
surge. This work demonstrates the feasibility of active control in a noisy, high Helmholtz
frequency (75 Hz) environment. However, issues related to the effect of high pressure
ratio compressors on active surge control (this compressor had a pressure ratio of only
three) and the validity of the lumped parameter surge model were not examined. In
another active surge control project, a compressor rig has been specially developed to
simulate a gas turbine engine [24]. This rig uses a small centrifugal compressor with a
pressure ratio of roughly three and a large plenum chamber that gives a Helmholtz
frequency on the order of 10 Hz.
As alluded to earlier, the MIT Gas Turbine Lab has acquired two helicopter gas
turbine engines, an Allison 250-C30 and a Lycoming LTS-101, for dynamic surge control
experiments. Both engines are in the 650 horsepower class and have high performance
centrifugal compressors with pressure ratios of roughly 8 to 10, transonic vaned-
diffusers, and system Helmholtz frequencies above 100 Hz. As observed by Bell [9],
these engines appear to exhibit much different surge inception behavior than the small
centrifugal turbocharger rigs and work is currently underway to understand the engine
surge dynamics as well as demonstrate dynamic control.
There are also efforts on the dynamic control of surge in multi-stage axial flow
compressors. Several researchers [25,26] have analytically studied the use of l-D
actuators and sensors to dynamically control surge in axial compressors. In a different
approach, Day [27] demonstrated dynamic surge control in a low speed, 4-stage axial
compressor rig using 2-D actuation and sensing to stabilize the rotating stall which in
these, and in other experiments by Day, was observed to precipitate the surge. Control of
the machine was lost, and the compressor surged, when the rotating stall could no longer
be stabilized.
1.4 Research Objectives
The following research objectives were identified as a step towards the ultimate
goal of demonstrating dynamic surge control in a helicopter gas turbine engine:
* Develop and determine the validity of a lumped parameter surge model for a
gas turbine engine
* Assess the importance of the following effects on engine stability:
- High compressor pressure ratios
- The effect of density fluctuations at the compressor face, due to upstream
flow inertia, on compressor performance
- Non-isentropic processes, specifically, combustor heat-release and energy
dynamics
- Rotor speed fluctuations due to compressor/turbine shaft dynamics
* Model and evaluate 1-D actuator/sensor pairs which have a possibility for
effective implementation in a gas turbine engine
* Estimate surge model parameters for an actual helicopter engine geometry (LTS-
101) and use these values in the evaluation of dynamic surge control strategies
1.5 Scope and Organization
This thesis is centered on issues related to the dynamic control of surge in high
performance helicopter engines. Unfortunately, the stalling behavior of high pressure
ratio centrifugal compressors is not well understood and the issue of whether rotating stall
is the "triggering" mechanism for surge has not been resolved. The initial observations of
Bell [9] did not find rotating disturbances, but more detailed experiments are required.
Therefore to avoid possibly unnecessary complications, surge is assumed to be the
dominant form of instability for the analyses of this thesis. This is an significant
simplification because it allows the use of one-dimensional fluid dynamic models,
actuators, and sensors to suppress the instability. The analyses in this thesis are primarily
directed toward centrifugal compression systems, although the modelling may be
applicable in certain axial compressor applications.
The main interest is in system stability, so only small perturbation linear stability
analyses are performed. Both active and aeromechanical surge control strategies are
evaluated. Due to time limitations only proportional control laws are considered for the
active control strategies.
The thesis is organized as follows. Chapter 2 presents the development of a
lumped parameter surge model of a helicopter gas turbine engine. The governing
equations are derived in some detail to determine the criteria that must be satisfied for the
lumped parameter approximations to hold. A linear stability analysis is performed to
examine the importance of features such as compressor pressure ratio, density fluctuations
at the compressor face, non-isentropic processes in the burner, and rotor speed
fluctuations due to compressor/turbine shaft dynamics.
Chapter 3 presents the modelling, numerical results and interpretation of the
behavior of a number of feedback control strategies applied to the gas turbine engine of
Chapter 2. These include: diffuser throat injection, a close-coupled valve, compressor
inlet injection, compressor exit bleed, fuel-flow modulation and an aerodynamic damper
(an external damped Helmholtz resonator). Chapter 4 presents the summary and
conclusions of this research and makes recommendations for future work.
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Chapter 2
Gas Turbine Engine Surge Model (No Control)
2.1 Introduction
This chapter presents the development of a lumped parameter surge model of a
gas turbine engine. The objective is to include those phenomena which have a strong
influence on the surge dynamics to provide a basic framework for the evaluation of
dynamic surge control strategies for a gas turbine engine.
2.1.1 Scope of the Chapter
To examine the validity of this approach, a detailed derivation of the fluid
dynamic model is given along with the criteria which must be satisfied for the lumped
parameter assumptions to hold. To assess the importance of different phenomena present
in a gas turbine engine several modelling assumptions are examined, namely an
isentropic burner process and constant rotor speed, to determine how much the results are
affected.
The system of non-linear equations governing the surge dynamics are derived and
non-dimensionalized to reveal some important similarity parameters. In the non-
dimensionalization, the compressor performance is specified as pressure ratio (total-to-
total) versus corrected flow characteristics at constant corrected speed. The equations are
linearized to study the stability of equilibrium operating points to small perturbations.
2.1.2 Organization of the Chapter
This chapter is organized as follows. First, the basic gas turbine engine surge
model is developed including, a listing of the assumptions, the derivation of the
governing equations for each component, and the non-dimensionalization of the
equations. Next, the linear stability analysis is presented with the method, numerical
results and a discussion of the results being given. Two additional subsections examine
the isentropic burner process and contant rotor speed assumptions.
2.2 Development of the Model
The compression system to be analyzed is shown schematically in Fig. 2.1. The
main components of this system are: a compressor, compressor duct, combustion
chamber (also called a burner orplenum), and turbine and exhaust nozzle. Heat-release,
due to the combustion of fuel, is allowed in the plenum and the rotor speed is initially
assumed constant.
2.2.1 Modelling Assumptions
The main modelling assumptions used are:
* 1-D, unsteady, inviscid flow of a perfect gas (thermally and calorically)
* Compressor and turbine are modelled as quasi-steady actuator disks with
negligible internal inertia and compliance
* Flow in compressor ducts has negligible compliance, so that:
- density variations are small (except across compressor)
- mass flow is uniform throughout duct
- acoustic disturbances are not important
* Fluid in combustor is compressible, has negligible velocity, and negligible flow
inertia
* Combustion of fuel is represented as a simple heat addition process
* Total pressure is constant from combustor inlet to turbine inlet
* Turbine and exhaust nozzle are choked
* Rotor speed is constant (no shaft dynamics)
* Flow inertia downstream of combustor is negligible
* Engine inlet flow is distortion free so that inlet total pressure and temperature
are constant
* Engine is at static conditions so that inlet "total" quantities are equal to ambient
"static" values
2.2.2 Derivation of the Governing Equations
Compressor Duct:
The compressor duct is the inertia element of the lumped parameter compression
system. As shown in Figure 2.1, the compressor is modelled as operating at an arbitrary
location (i.e. not just the inlet or exit) within the constant area compressor duct. This
allows the effect of the compressor placement in the duct to be assessed.
The flow in the compressor duct is assumed to be one-dimensional. This is a
good approximation provided that fluid properties are essentially uniform over the cross-
sectional area (specifically, if boundary-layers are thin, area changes are gradual, and
radii of curvature of the passages are large). The essence of this assumption is that
gradients in the flow direction are large compared to those gradients normal to the flow
direction. Along this line of reasoning, velocity components normal to the bulk flow
direction are assumed small enough to be ignored.
Another basic assumption is that the flow in the compressor duct is inviscid. For
large Reynold number flows the pressure forces acting on the fluid are much greater than
the viscous forces. In many practical situations the viscous forces are negligible, with the
exception being systems with long compressor ducts where the integrated affect of
viscous forces can become important.
A major assumption in the compressor duct modelling is that the dynamics are
dominated by inertial effects and that compliance effects are negligible. Compliance is
essentially fluid compressibility. On a global scale, if the compliance is negligible then
the mass flow in the duct is uniform because the fluid has no mass storage capacity. On a
local scale, compliance is important if acoustic disturbances are significant (then both
inertia and compliance must be considered). The compressibility of an unsteady flow can
be neglected provided the product of the reduced frequency, co, and Mach number is
small, that is
OR .M <<1 (2.1)
The reduced frequency is defined as [28]
R - usL (2.2)U
where, ous is a characteristic frequency of the unsteadiness
L is a characteristic length (i.e. duct length)
U is a characteristic velocity (i.e. mean flow velocity in the duct)
Provided the inequality in Eqn. 2.1 is satisfied, the incompressible form of the
momentum equation is an adequate model of the fluid dynamics in the duct. We should
mention that eventhough compressibility effects are neglected in the duct fluid dynamics,
density fluctuations at the compressor face (calculated from the pressure given by the
incompressible momentum equation) are allowed to affect the compressor performance.
As discussed in a later section, density perturbations are amplified through the
compressor and this effect can become significant for the large pressure ratios considered
in this study.
For the upstream duct the conservation of momentum equation in differential
form is written (for an unsteady, 1-D, inviscid flow) as
PU + Pu U u u (2.3)at ax ax
This equation can be written in the following approximate form provided Mach numbers
in the duct are small (say, less than 0.5)
avu aup (puU2) aPou
Pu - = x- x (2.4)
at ax ax ax
The total pressure in the upstream duct, Po,u, has been approximated by the
incompressible relation,
Pou Pu + .p U2 (2.5)
Neglecting Mach number effects (density gradients) in the momentum equation is
justified only if 0.5 .M 2 << 1, and for a Mach number of 0.5 the error is less than 14
percent. With some manipulation, Eqn. 2.4 is integrated over the upstream duct to yield
dri Ldu- = Po,I - PO,2 (2.6)
dt Ac
where, the equivalent length-to-area ratio, Lu/Ac, of the upstream duct is calculated from
the actual duct geometry using Eqn. 2.7 below.
L L" ds = (2.7)
Ac 0 Au(s)
Appendix A discusses in more detail the method used to estimate the equivalent model
parameters from an engine geometry.
The same approximations are made in modelling the downstream duct. The
conservation of momentum equation for the downstream duct is given as
dri Ldd Ld =, 0,3 - P0 ,4  (2.8)dt Ac
where, it can be shown (see Appendix A) that the equilvalent length-to-area ratio for the
downstream duct is given by
LC _ Lu+ Ld d sLd = d ds (2.9)
AC Lu Ad (s)
Note that the finite density rise across the compressor does not enter into the estimation
of the downstream length-to-area ratio (see Appendix A for more details).
The use of the conservation of energy equation for the combustor requires that the
total temperature fluctuations in the compressor duct be modelled. The total temperature
at the compressor inlet, To,2 , is estimated from the inlet total pressure (calculated using
Eqn. 2.6) assuming isentropic flow from station 1 to 2. This allows TO,2 to be calculated
using the isentropic relationship
7-1
To,2 O,2 (2.10)
TT P0 1 )
The total temperature at the compressor exit, TO,3, can be calculated once the compressor
temperature ratio is specified. The total temperature at the compressor duct exit, TO,4, is
estimated assuming isentropic flow from station 3 to 4. This allows TO,4 to be calculated
from the isentropic relation
(2.11)
y-1
TO,4 O,4
,
To,3 ,PO,3 )
Compressor:
The compressor is the component that provides the energy that drives the flow
disturbances unstable. It would seem that compressor modelling is made difficult by the
complex aerodynamic phenomena that exist within it (for example, unsteadiness,
compressibility, 3-D flow), but other researchers have demonstrated that complex
compressor models are not required for the system phenomena of surge. It is adequate in
many situations to represent the compressor as a actuator disk which creates a finite
pressure, density and temperature rise in the duct. For small perturbations, the
compressor is typically assumed to behave quasi-steadily and follow its steady-state
performance characteristic during unsteady flow. The quasi-steady approximation is
valid provided that the reduced frequency based on characteristic compressor conditions
is much less than unity (see Eqn. 2.2).
A single quasi-steady actuator disk model of the compressor is used in this study
since the primary interest is in centrifugal compressor systems. The mass flow is
assumed constant across the compressor,
ih (t) = rhd(t) = rh(t) (2.12)
The compressor performance is represented using its empirical steady-state performance
maps. To adopt the conventional method of presenting compressor performance in gas
turbine engines, the pressure ratio, irc, and temperature ratio, 0c, are given as functions of
corrected mass flow, WC,COR, and wheel tip Mach number, Mtip,2. This is written in
functional form as:
P 0 3
c  ,3 = (WC,COR (2.13)
PO,2
Oc  = Oc(Wc,cOR'Mtip, 2 ) (2.14)
where, the corrected flow and tip Mach number are defined as
WCCOR TO,2 (2.15) and Utip (2.16)CcoR ,2 Ac tip,2 - R TO,2
This definition of corrected flow is slightly different than the conventional usage of the
term in the gas turbine industry (the Ac and R terms in Eqn. 2.15 are retained to form a
truly non-dimensional mass flow which is sometimes referred to as the flow function).
Similarly, the wheel tip Mach number, Mtip,2, is used instead of the corrected speed since
Mtip,2 is a truly non-dimensional speed (related to the corrected speed by a constant).
Combustor:
The combustor is the component that behaves as an aerodynamic spring providing
the restoring force necessary to sustain an oscillation. To account for non-isentropic
effects in the combustor, the conservation of energy equation along with the continuity
equation is used to model the thermodynamic process. A finite heat-release is also
allowed. A later section of the chapter examines the isentropic assumption to determine
the importance of non-isentropic processes on engine stability.
An assumption in the modelling of the combustor is that the dynamics are
dominated by compliance effects and that inertial effects are negligible. Pressure changes
due to inertial effects scale with the product of the reduced frequency and the square of
the Mach number (i.e. AP/P a coR M2). For the low Mach number flow in a gas turbine
combustor (say, less than 0.1), pressure changes due to inertial effects should be small
compared to those due to compliance effects ("global" mass storage). Furthermore,
acoustic disturbances should not be important provided the reduced frequency based on
relevant combustor dimensions is small.
Another assumption is that the total pressure through the combustor is uniform
from compressor duct exit to the turbine inlet. Burner total pressure losses due to both
frictional and heat addition effects scale with the square of the Mach number and thus
should be small. Other relevant assumptions made in the modelling of the combustor
dynamics are:
* The volumetric averaged burner temperature is well approximated by the
turbine inlet temperature (similarly, for the burner density)
* The thermodynamic properties of the combustion products are approximately
the same as those of air (at the same conditions)
* The mass of fuel injected is negligible (riF -= 50 ric)
Provided the modelling assumptions are valid, the combustor dynamics should be
governed by global compliance effects. Both the mass and energy conservation equations
are required to model the combustor dynamics. The control volume form of the mass
conservation equation for the combustor is given as
dPB .V = ri - rm (2.17)
dt
where, PB is the volumetric average burner density. The conservation of energy equation
is given as
d(cv -4B .TB)d(c V = rh * cTO,4 - rhT cPTo,5 + Q (2.18)dt
where, Q is the instantaneous heat-release rate due to the combustion of fuel.
In practice, the instantaneous heat-release rate is a function of many variables:
pressure, temperature, air flow rate, geometry, etc. In this analysis, Q is expressed as a
function of the fuel-flow rate, rhF, the lower heating value of the fuel, HV, and the
combustion efficiency, riB, as
Q = Tr1, r.F -HV (2.19)
The time scales associated with the fuel control dynamics are long, compared to the linear
surge inception oscillations, which means that the fuel-flow rate is essentially constant.
Also since the combustion efficiency is near unity, the effect of perturbations in Q, due
to fluctuations in TiB, on the combustor dynamics are assumed small compared to the
effects of global mass and enthalpy imbalances. Thus the analysis presented in this
chapter only assesses the effect of steady-state heat addition on open-loop engine
stability. The effect of unsteady heat-release is considered in Chapter 3 when fuel-flow
modulation is evaluated as an active surge control strategy.
Due to the heat-release in the combustor, assumptions about the distribution of
temperature (and density) must be made. Herein the volumetric averaged temperature,
TB, is approximated by the turbine inlet temperature; however it is noted that this is not a
critical assumption of the analysis and is rationalized by typical combustor temperature
distributions.
Turbine/Exhaust Nozzle:
The high pressure fluid in the combustion chamber discharges to atmosphere by
first passing through a gas generator turbine and then an exhaust nozzle or power turbine.
The approach taken in this study is to model the turbine as a quasi-steady choked nozzle.
This is a simplication of the complex flowfield in the turbine and nozzle which, if valid,
offers several advantages. First, the choking of the turbine decouples the downstream
dynamics from the rest of the compression system. Second, the one-dimensional nozzle
flow assumption allows the use of algebraic equations instead of turbine performance
maps.
The quasi-steady assumption is valid provided that the reduced frequency based
on characteristic turbine conditions is much less than unity (see Eqn. 2.2). The other
major assumption is that the turbine performance is well represented by one-dimensional
compressible nozzle flow, independent of rotor speed. This approximation is common to
steady-state engine matching calculations [29, 30] and is equivalent to assuming that the
turbine's first-stage guide vanes choke before the downstream vanes or rotors. This is
illustrated in Fig. 2.2 which shows turbine performance maps for a NASA single-stage
turbine [31]. Figure 2.2(a) is a turbine with choked first-stage guide vanes and illustrates
three relevant points: (1) the performance resembles that of a one-dimensional
compressible nozzle flow, (2) the performance is nearly independent of speed and (3) the
turbine is choked for pressure ratios above two. Figure 2.2(b) illustrates that this simple
model is not valid if a downstream blade-row chokes instead of the first-stage vanes.
Fortunately many high performance turbines do have choked first-stage vanes which
allows this modelling approach to be used.
From a system viewpoint, the turbine affects the dynamics through fluctuations in
mass flow out of the combustion chamber. From the continuity equation for a steady,
one-dimensional, compressible flow [32], the turbine mass flow can be expressed as a
function of inlet total pressure, total temperature, nozzle throat area and Mach number.
For a choked turbine the continuity equation reduces to
'y+1T RT - 2""= F(y) (2.20)
PB -A y+1
where, F(y) is the function of specific heat ratio on the right hand side of the equation.
Simplification of the Equations for Negligible Internal Compressor Compliance:
The earlier assumption that the compressor internal compliance is negligible (Eqn.
2.12) allows the compressor duct momentum equations (Eqns. 2.6 and 2.8) to be
combined into a single equation. In this situation not only are the upstream and
downstream mass flows equivalent (rhu = rhd = ric), but also the rates of change of
mass flow (similarly, = dd = a-- ). This allows the two momentum equations to bedt dt dt
combined by first solving Eqn. 2.6 for the total pressure at the compressor face, PO,2,
(using Po,1 - Pa)
P A J dtfic (2.21)
0,2 Ac dt
and then substituting this expression into Eqn. 2.8 to yield a single conservation of
momentum equation for the entire compressor duct (using PO,4  PB)
d+ = 1C Pa - P (2.22)
AC Ac dt
Equation 2.22 along with the burner mass and energy conservation equations (Eqns. 2.17
and 2.18) and the compressor and turbine characteristics (Eqns. 2.13 and 2.14) are used to
model the surge dynamics of the gas turbine engine.
2.2.3 Non-Dimensionalization of the Governing Equations
Consistent with the pressure ratio respresentation of the compressor performance,
mass flows are non-dimensionalized in a manner analogous to the corrected flow in Eqn.
2.15 using Pa, Ta and Ac as the reference quantities. The non-dimensional compressor
and turbine mass flows, Wc and WT, are thus defined as:
W = R Ta (2.23) and WT - R Ta (2.24)
Pa -Ac Pa -Ac
Pressure and temperature ratios, P* and T*, are formed using the ambient pressure and
temperature as
p P
Pa
Pa
(2.25) and T T
T*To
(2.26)
A non-dimensional time, c, is formed using the Helmholtz resonator frequency, cOH,
t - 0 H • t (2.27)
where, CoH is a characteristic time scale of linear surge oscillations, defined as
AC
H B c (2.28)(L u + Ld) VB
The Helmholtz frequency is basically the resonant frequency of a lumped parameter
duct/plenum system with no damping elements [33]. Lastly, the rotor tip speed is non-
dimensionalized as in a manner analogous to the tip Mach number (Eqn. 2.16)
Mtipa = Uti (2.29)
ta y -
_R Ta
The resulting non-dimensional momentum, mass and energy conservation
equations are:
'U +1
(Momentum Conservation) dW Ld ( rc - P (2.30)d L+
C Ld
(Mass Conservation) dpB = 1 (W - WT) (2.31)
(Energy Conservation) -dP (Wc To 4 - W, T) + * (2.32)d TB -0
where, P and Lu/Ld are non-dimensional similarity parameters.
The stability parameter, 0, is important because it has a strong influence on the
system damping. It is defined as:
1 V
1: - VB (2.33)
VPTj- (Lu+Ld)-Ac
It is analogous to the B parameter of Reference 13 and is related as follows
2.B= . (2.34)
liMtip,a
A useful interpretation of the stability parameter is that it is a measure of the degree of
dynamic coupling between the compressor and turbine. For small 0, the turbine (the
unsteady energy sink) is close-coupled to the compressor (the unsteady energy source),
yielding a more stable system which can tolerate some finite positive compressor slope.
For large 3, the turbine is dynamically decoupled from the compressor, yielding a less
stable system which can not tolerate any positive value of compressor slope.
The inertia ratio, Lu/Ld, is a measure of the relative amount of flow inertia
upstream of the compressor compared to the amount of inertia downstream. This
parameter becomes important when upstream inertia is allowed to affect the compressor
performance, as discussed later in the chapter. Equation 2.30 also shows that the
compressor pressure ratio has a "weighting" effect on the inertia ratio, making it a more
important parameter at large pressure ratios.
The non-dimensional compressor and turbine characteristics also must be
specified. The compressor characteristics are given in functional form by Eqns. 2.13 and
2.14, which are rewritten here for convenience
71c = 7c (Wc,CORM ip,2) (2.13)
OC = OC (Wc,cOR, Mtip,2) (2.14)
The compressor corrected flow and tip Mach number can be expressed as functions of the
system non-dimensional variables as
We. T* M
W OR *O,2 (2.35) and Mtip tipa (2.36)
WCCOR ,2
Thus the compressor corrected flow, WC,COR, is not only a function of the non-
dimensional mass flow, Wc, but also the total pressure and total temperature at the
compressor inlet. Similarly, the compressor tip Mach number, Mtip,2, is a function of both
the non-dimensional rotor tip speed, Mtip,a (which is initially assumed constant), and
To,2. Perturbations in P 2 and T 2 due to upstream flow inertia can thus affect the
compressor performance. The perturbations in PO,2 caused by upstream inertial effects
are estimated from the momentum equation for the flow in the upstream duct (Eqn. 2.21),
P,2 = 1- 1 dWc (2.37)
0,2 1+ L d
The perturbations in To,2 are estimated from the non-dimensional form of Eqn. 2.10,
To2 = (Po,2) (2.38)
The non-dimensional turbine mass flow is expressed, after some manipulation, as
a function of the burner pressure and density as
WT =  -- PB (2.39)
PB
The non-dimensional equations governing the engine surge dynamics can be
assembled and written in the following functional form
(Conservation of Momentum) dc F W c P dWc (2.40)dd I( dc
dp *(Conservation of Mass) dp - F2(Wc ,P (2.41)dz
dPc (W * dWP B *(Conservation of Energy) P- = F3 ( cd P t c  (2.42)
d dt
These are three coupled, first order, non-linear ordinary differential equations which are
not only non-linear functions of the state variables Wc, p* and P*, but also the time
derivative, --- (due to upsteam inertial affects). The non-linear solution to these
d'r
equations can be found by numerical integration techniques, but the emphasis here is
system stability. Thus, Equations 2.40, 2.41 and 2.42 are linearized about an operating
point to evaluate the stability of the system to small perturbations.
2.3 Linear Stability Analysis
2.3.1 Method
To study the stability of equilibrium operating points to small amplitude
disturbances, the system of equations are linearized. The linearization is somewhat
involved because of non-linearities in the time derivative of mass flow and the reader is
referred to Appendix B for the details. Here we will only describe the method; it should
suffice to show the general matrix form of the open-loop, 3rd-order linear system,
Wc a,, a12 a,3 W Wjc
-p =B a21  a22  a23  PB [A (2.43)
P _a31 a32 a33_ PB PB )
and say that the stability of a given operating point is evaluated from the eigenvalues of
the A matrix for the specified values of the compression system parameters.
System stability is dependent on the stability parameter, 3, the inertia ratio, Lu/Ld,
the slope of the compressor pressure ratio versus corrected flow characteristic,
mc a(CC) - ic(WC,COR,Mtip,2)
as well as the following additional parameters: c, WC,COR Mtip,2' (S(M ip,2 )
a(ec) a aC( , a(wT, and T* which also must be specified at the
(WC,COR) (Mtip,2) (PB) a(PB )
given operating point. Stability is assessed for a range of parameter values to model a
variety of compressions systems in geometry and performance.
The values of P and Lu/Ld are basically set by the geometry of the compression
system (in addition to T*). To model systems with a variety of plenum chamber-to-
compressor duct volume ratios, values for 0 of 0.25, 0.5 and 1 are chosen. To assess the
effect of fluid inertia upstream of the compressor, values of Lu/Ld ranging from 0.01 to
100 are examined.
Several compressor characteristics (speed lines) are used to cover a range of
pressure ratios, temperature ratios, corrected flows, and tip Mach numbers. Table 2.1
presents the four cases that were chosen. The parameters xc,peak, 0c,peak and (Wc,COR)peak
are the pressure ratio, temperature ratio and corrected flow, respectively, at the peak of
the constant speed characteristic. The peak pressure ratios selected were 2.5, 5, 7.5 and
10. The corresponding values of the peak temperature ratios were calculated using an
assumed compressor efficiency of 0.80.
Speedline No. 1 2 3 4
c,peak 2.5 5 7.5 10
Oc,peak 1.37 1.73 1.97 2.16
(WC COR)peak 0.20 0.33 0.43 0.50
Mtp.2 0.97 1.35 1.56 1.71
Table 2.1: Compressor Performance Parameters for Stability Analysis
In the comparison of compressors operating at different pressure ratios, each of
the four pressure ratio--corrected flow speed lines are generated by scaling from a single
"scaled" compressor characteristic. The main purpose of the compressor speedline is to
specify the slope, itc, as a function of the flow, WC,COR. Because linear stability is a
much stronger function of compressor slope than mean flow the shape of the compressor
characteristic is not crucial . The "scaled" compressor characteristic used in this study,
shown in Fig. 2.3, was derived from information on the engines of interest. The pressure
ratio--flow characteristic is shown in Fig. 2.3(a) and and the slope--flow relationship in
Fig. 2.3(b). The shape of the characteristic covers the full range of compressor slopes,
from large positive values at the low flow end to large negative values at the high flow
end.
The compressor temperature ratio characteristics (Eqn. 2.14) are specified as
linear functions of corrected flow, at constant speed. The temperature slope, mc,e, defined
as (acc) is given values ranging from 0 to -1 to represent compressors with
different blade geometries (mnc,6 has negative values for both axial and radial or backward
swept centrifugal impellers).
The sensitivity of the compressor pressure and temperature ratios to changes in
a a(c) n a( c)
rotor tip Mach number, and are specified using the following
S(Mtip,2) )(Mtip,2)
approach. First, the pressure and temperature ratio are expressed as functions of the rotor
tip Mach number, adiabatic efficiency, TIc, and work coefficient, [c (defined as
ho,c/Utip), as follows
c =[ 1+tc .(y-1)_e .Mp2 2Y-1 (2.44)
Oc = 1 + (7 1). . M2tip,2 (2.45)
The sensitivities to changes in tip Mach number are then estimated by differentiating
Eqns. 2.44 and 2.45 assuming that changes in Tic and tc are small compared to changes
in 7nc and Oc, as:
(Mtip,2 2 tip,2 . fC - C C' f tip,2]-1 (2.46)
~(Mtip,2) 2y-) tp,2 "iC (2.47)
Values for ic of 0.80 and ic of 1 are chosen to model a radial-bladed centrifugal
compressor which is representative of the engines of interest.
The turbine mass flow sensitivities also must be specified. From the expression
for the turbine mass flow (Eqn. 2.39), these parameters are estimated as
(i(wT)- W, T, (wT) W T
-2. - (2.48) and - 2. (2.49)
Lastly, the burner temperature, T, is known once the burner temperature ratio, 6 B
(defined as TB/To,4 ), is specified. 0 B is a measure of the amount of steady-state heat
addition in the burner. Values of 0 B ranging from 1 (no steady heat addition) to 2 are
used.
The method used to arrive at the stability limit of the compression system is as
follows. The compressor characteristic is discretized into equal increments in mass flow,
giving Iic and Wc at each flow. The stability limit is found by checking the eigenvalues
at each operating point, starting at the high flow end and marching toward the lower
flows, until the first eigenvalue with zero real part is found. This operating point is the
neutral stability point, any further reduction in flow results in system instability. The
compressor slope, ic,Ns, and normalized surge frequency, o*Ns (defined as oNS/oH) at
neutral stability characterize the stability point of the system. The slope is a measure of
the amount of compressor energy production the system can tolerate before it goes
unstable, with higher values of mc,Ns indicating a more stable system. The frequency is a
measure of the time scale of the oscillatory surge inception growth which is a relevant
issue in the study of dynamic control strategies where actuator bandwidth is important.
2.3.2 Results
The results of the analysis are given in Figs. 2.4 through 2.9 for the compression
system parameters specified in the previous section. The results are discussed as they are
presented.
Results for a compression system with a stability parameter, , of 0.25, a burner
temperature ratio, OB, of 2, and a temperature slope, mc,o, of -0.5 are given in Fig. 2.4.
These values were chosen to represent an helicopter engine with a small burner-to-
compressor duct volume ratio (i.e. small value of p). Figure 2.4(a) shows the dependence
of the compressor slope at neutral stability, imC,NS, on the inertia ratio, Lu/Ld, plotted on a
base 10 log scale, for the four curves representing the compressor speedlines in Table 2.1.
From this figure the following trends are observed:
* For inertia ratios less than about 0.25, lower pressure ratio compression systems
are more stable than those with higher pressure ratio
* For inertia ratios greater than about 0.35, the higher pressure ratio compression
systems are more stable than those with lower pressure ratios
* For all the compression systems, increasing the inertia ratio has a stabilizing
influence with the effect more prevalent for the higher pressure ratio systems
The first trend is explained from the method used to scale the individual
compressor characteristics. If all the speedlines collapse onto a single curve when scaled
as done in Fig. 2.3, the effective stability parameter, [eff, is actually n.C,peak  i stead
(WCCOR )peak
of p. In this situation the lower pressure ratio compression systems have smaller values
of [eff, which makes them more stable than the higher pressure ratio systems. This trend
may or may not be observed for other compressor characteristics depending upon the
degree of validity of the scaling relationship used in this study.
The second and third trends given above are related to the stabilizing influence of
upstream inertia. A qualitative explanation of this phenomena is given based on total
pressure perturbations due to flow inertia being 900 out of phase with mass flow
perturbations. The perturbations in PO,2 (due to upstream inertia effects) are
approximately amplified, by a factor of the pressure ratio, across the compressor.
Amplification at the compressor exit of the portion of total pressure that is 90' out of
phase with the mass flow effectively acts as an increase in fluid inertia, which has a
stabilizing influence since the system is more resistant to accelerations. Effective inertia
is thus increased by either placing more inertia upstream of the compressor (by moving
the compressor toward the end of the duct) or increasing the compressor pressure ratio.
The stabilizing influence of upstream inertia is related to the effect that density
perturbations at the compressor inlet have on unsteady compressor performance. A
strictly incompressible surge model does not capture this effect.
Figure 2.4(b) shows the dependence of the normalized surge frequency at neutral
stability, o*Ns, on the inertia ratio for the four curves representing the compressor
speedlines in Table 2.1. Three trends are observed:
* Increasing the inertia ratio tends to decrease the surge frequency for all the
compression systems
* The higher pressure ratio systems tend to have lower surge frequencies (at a
given Lu/Ld ) than the lower pressure ratio systems
* For all the compressor speedlines and inertia ratios the surge frequency is less
than the system Helmholtz frequency
The first two trends are also explained by the increase in effective inertia discussed
above. As the effective inertia of the system is increased, due to an increase in either the
inertia ratio or compressor pressure ratio, the surge frequency decreases.
In Figures 2.5 and 2.6 the stability parameter, 0, of the compression system is
increased to values of 0.5 and 1.0, respectively, while holding the same values of OB and
mc,e. A comparison of Figs. 2.4(a), 2.5(a) and 2.6(a) reveals the strong decrease in
system stability as P is increased. The trends in mc,Ns with Lu/Ld and compressor
performance level are essentially unchanged. The reduction in stability occurs because
the system damping decreases as 3 is increased. The system is more compliant at high 1
which acts to dynamically decouple the turbine and compressor. A comparison of Figs.
2.4(b), 2.5(b) and 2.6(b) shows that the normalized surge surge frequency is not affected
much by the increase in P. Eventhough the increase in 0 causes a strong reduction in
system damping, this has a small affect on the normalized system frequency as would be
expected.
Variations in the temperature slope, mc,e, and burner temperature ratio, 0B, are
presented in Figs. 2.7 through 2.9 to determine their effect on engine stability. The
results are given for a compression system with D=0.5 and the compressor speedline with
tCc,peak= 7 .5. In Figure 2.7 parameter sweeps on the burner temperature ratio are
performed while holding mc,o at -0.5 with the three curves corresponding to values of OB
of 1, 1.5 and 2. Figure 2.7(a) clearly shows the destabilizing influence of steady heat
addition. The slope at neutral stability is reduced by roughly 30 percent for all values of
the inertia ratio as 0 B is increased from 1 to 2. Figure 2.7(b) shows the effect of steady
heat addition on the surge frequency. As 0 B is increased from 1 to 2, o Ns is decreased by
approximately 30 percent for the entire range of inertia ratios.
Figures 2.8 and 2.9 show parameter sweeps on the compressor temperature slope
while holding OB fixed at values of 1 and 2, respectively. Figure 2.8(a) shows the
destabilizing influence of decreasing mc,O below 0 for no steady heat addition (OB =1).
For values of Lu/Ld above 1, i~i,.N is reduced by over 30 percent as mc,O is decreased
from 0 to -1. In Figure 2.8(b) the decrease in surge frequency with mc,e is observed with
o*s being reduced by roughly 10 percent for all inertia ratios as me,e is decreased from 0
to -1. Basically the same trends with mc, are observed in Fig. 2.9 although the mean
levels of ific,N and mos are shifted due to the effect of the steady heat addition (OB =2).
2.3.3 Isentropic Plenum Process Assumption
The validity of the isentropic plenum process assumption typical of many
previous compression system surge models is now examined for a gas turbine engine.
Comparison of these results to those of the previous section allows the importance of
non-isentropic processes in the burner to be assessed.
2.3.3 (a) Modelling
The essence of the isentropic process assumption is that combustor pressure is
isentropically related to combustor density. For a perfect gas this is given as,
p= constant (2.50) or dP . dB (2.51)
PB dt Bdt
The benefit of this approximation is that the conservation of energy equation is no longer
needed to model the thermodynamic process in the burner. Equation 2.51 above is used
to express the mass conservation equation in terms of the burner pressure (in non-
dimensional form) as
dP 1
SP (WC - WT) (2.52)
The expression for the turbine mass flow (Eqn. 2.39) can also be simplified using
Eqn. 2.50 to relate the burner pressure and temperature. After some manipulation, the
non-dimensional turbine mass flow is written as a function of only burner pressure as
y+1
WT = WT, ) (2.53)
An additional advantage of the isentropic plenum process assumption is that the
compressor temperature ratio characteristic is no longer needed.
2.3.3 (b) Results
Figures 2.10 through 2.12 compare the results of the isentropic assumption (the
solid lines in these three figures) to those previously presented in Figs. 2.7 through 2.9.
In Figure 2.10 the effect of steady heat addition on the validity of the isentropic process
approximation, for a representative value of mc,e (=-0.5), is examined. As expected,
increasing OB causes the non-isentropic processes in the burner to become more
important. The isentropic model captures the qualitative trends with inertia ratio, but for
a burner temperature ratio of 2 the quantitative agreement is not good. For values of the
surge model parameters representative of a helicopter engine, namely, P=0.5, c,peak= 7 .5,
mc,O=-0.5 and 0 B=2, the isentropic model predicts a more stable system by upto 35
percent in mc,NS and overpredicts the surge frequency by roughly 35 percent.
Figure 2.11 illustrates the effect of variations of the compressor temperature slope
on the validity of the isentropic plenum process assumption for no steady heat addition
(OB=1). In Figure 2.11 (a) the isentropic process model shows good aggreement in the
prediction of nc,s for values of mc,o between 0 and -0.5. However for me,O=-1 and
inertia ratios greater than 1, the aggreement is not as good, with the isentropic model
predicting a more stable system by almost 30 percent in mic,NS. Figure 2.11(b) shows that
the isentropic model slightly overestimates the surge frequency by no more than 10
percent (for mc,e=- 1). Thus for no steady heat addition in the plenum, the isentropic
assumption does a fairly good job for temperature slopes with values between 0 and -0.5.
The influence of parametric variations in me,o for steady heat addition (eB=2) are
illustrated in Figure 2.12. The isentropic model shows only fair quantiative agreement
for all values of the temperature slope. As one might expect, the burner behaves less as
an isentropic plenum as mc,o is decreased away from zero due to the increase in enthalpy
fluctuations.
Several conclusions can be drawn from the above results. For compressor test
rigs with no steady heat addition in the plenum and temperature slopes no less than -0.5,
the isentropic process assumption shows good quantitative agreement with the gas turbine
engine model with non-isentropic effects. For temperature slopes less than -0.5 the
isentropic assumption becomes worse and captures only qualitative trends in m-,Ns and
oNs. For gas turbine engines with steady heat addition corresponding to burner
temperature ratios of roughly 2, the isentropic process assumption shows only fair
quantitative agreement with the engine surge model, although it does capture qualitative
trends. Thus the simpler isentropic burner process assumption provides rough estimates
of the compressor slope and surge frequency for a gas turbine engine, but for detailed
studies the extra effort should be expended to include the non-isentropic effects.
2.3.4 Constant Rotor Speed Assumption
The surge model with the isentropic plenum process assumption is now extended
to include the rotor dynamics associated with the mechanical coupling of the compressor
and turbine via a common shaft. As discussed in Chapter 1, the turbocharger surge
analysis by Fink [14] showed that rotor speed fluctuations have a negligible effect on
linear stability for practical values of the turbospool inertia. Due to the larger rotor
inertias expected in a helicopter engine, rotor dynamics should not be important.
However the model developed herein includes phenomena not dealt with by previous
models, so rotor dynamics are examined to insure that they have a negligible effect on
engine stability.
2.3.4 (a) Modelling
In steady operation the engine rotor speed is held constant by a balance of power
(or torque) between the turbine and compressor. During surge this balance of power is
upset and the rotor accelerates or decelerates. The following assumptions are made in
modelling the rotor dynamics:
* The torques due to frictional forces are small
* No auxiliary power is drawn from the turbine
* The turbine temperature ratio, 0 T, (total-to-total) is constant during the surge
inception process
Using the above assumptions, the conservation of angular momentum equation for
the compressor/turbine spool, written in terms of torques, is
dG2
J d = -, T - c  (2.54)dt
This equation is written in a more convenient form by expressing the turbine and
compressor torques in terms of power
J d = [r1- •iT cPTo,5 -(1 - OT) - hc -cpT, 2 (0c - 1)] (2.55)
dt 92
Provided the turbine and exhaust nozzle remain choked during surge inception, one can
show that the turbine temperature ratio (total-to-total) remains constant at its steady-state
value to a good approximation (see Ref. 34 for a discussion of this assumption for steady
flow conditions). The non-dimensional form of the angular momentum equation is given
as
dMtip,a - P [w T (1- )- Wc -To 2 (0c - 1)] (2.56)dc M tip, a * J0
where, J* is the non-dimensional rotor inertia parameter, defined as
, J(y- 1)
RJ (Lu+L -A (2.57)
Rtp Pa "(L + Ld)Ac
A representative value of J* for a small helicopter gas turbine is on the order of 100; for
larger turbofan engines the value of J* would be higher.
2.3.4 (b) Results
The results of the linear stability analysis with compressor/turbine shaft dynamics
are given in Figures 2.13 through 2.15 for values of J* ranging from 1 to 1000. Figure
2.13 presents the results for a compression system with a stability parameter, 1, of 0.5 an
inertia ratio, Lu/Ld, of 1, a temperature slope, mc,e, of -0.5 and a burner temperature ratio,
0 B, of 2. In Figure 2.13(a) the compressor slope at neutral stability, MiC,NS, is given as a
function of J*(plotted on a base 10 log scale) for the four curves representing the
compressor speedlines in Table 2.1. As expected, for large values of J* (say, greater than
about 30) the four curves asymptote to the constant rotor speed solution. For smaller
values of J* (on the order 10 or less), the shaft dynamics have a stabilizing influence with
the affect becoming stronger for the higher pressure ratio compression systems.
Similar trends are observed in Figure 2.13(b) which is a plot of the normalized
surge frequency at neutral stability, coNs, as a function of the rotor inertia parameter (on a
base 10 log scale) for the 4 different compressor speedlines. Once again, for large values
of J* (greater than about 30) all four curves asymptote to their constant rotor speed
solution. For smaller values of J* (again on the order of 10 or less), the shaft dynamics
tend to increase the surge frequency with the effect becoming stronger for the high
pressure ratio compression systems.
Figures 2.14 and 2.15 show the results for inertia ratios of 0.01 and 100,
respectively, holding the same values of P, mc,0 and 0 B. For these inertia ratios the same
general trends are observed. Similar results were also found for values of P of 0.25 and 1
although not shown here.
Since the expected values of J* are of the order of 100 or greater, rotor speed
fluctuations should have a negligible influence on gas turbine engine stability. However
for large amplitude post surge inception studies, Fink [14] has shown that rotor speed
fluctuations are important and should be modelled.
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Chapter 3
Evaluation of Dynamic Surge Control Strategies
3.1 Introduction
This chapter presents the modelling and evaluation of several actuator/sensor
combinations as dynamic surge control strategies for a gas turbine engine. The actuation
schemes to be studied are mass flow injection at the diffuser throat, a flow restriction
close-coupled to the compressor, mass flow injection at the compressor inlet, mass flow
bleed at the compressor exit, modulation of the fuel-flow and an auxiliary plenum which
functions as an aerodynamic damper. The selection of actuators was limited to schemes
felt to have reasonable opportunity for implementation in the helicopter engines acquired
by the Gas Turbine Lab for active control experiments. The sensors examined were
compressor duct mass flow, burner pressure and compressor inlet total pressure.
A further issue investigated in this chapter is the effect of controller bandwidth (the
bandwidth of the combined actuator, processors and sensor) on the effectiveness of the
various actuator/sensor pairs. Previous active surge control studies which modelled the
effect of finite controller bandwidth (Simon [5]) were focused on compression systems
with Helmholtz frequencies of roughly 10 Hz where the controller bandwidth was
relatively much higher, say 10 times the system Helmholtz frequency. However, the
estimated Helmholtz frequencies for helicopter engines are over 100 Hz and actuator
bandwidths of 300 to 400 Hz are pushing the limits of current technology. These
restrictions are therefore examined in more detail.
3.1.1 Scope of the Chapter
In this chapter the lumped parameter gas turbine engine surge model developed in
Section 2.2 is used as the framework for the evaluation of the various actuator/sensor
combinations. The assumptions and equations used to model the actuators are also
discussed. Only linear stability is considered.
In this analysis the sensor output signals and actuator input signals are connected
via proportional control laws. Control system dynamics are also included in the feedback
path. The practical constraints placed on the control system, discussed in more detail
below, are that the controller frequency, coc/cqH, is limited to values less than 3 and that the
magnitude of the gain is limited to a practical level.
3.1.2 Organization of the Chapter
The chapter begins with a section discussing the methodology used to evaluate the
various actuator/sensor pairs. Each of the next six sections present one of the actuation
schemes. The sections are arranged roughly from most to least effective: diffuser throat
injection, close-coupled valve (flow-fence), compressor inlet injection, compressor exit
bleed, fuel-flow modulation and the aerodynamic damper. In each of these sections the
modelling and numerical results are given. The chapter concludes with a discussion
section that compares and interpretes the various actuation approaches.
3.2 Method
The general approach used to evaluate the various surge control strategies is as
follows. The actuator's influence on the engine fluid dynamics is modelled, the sensor is
selected and the actuator input signal is connected to the sensor output signal by a
proportional control law with controller dynamics in the feedback path. The resulting
closed-loop, engine plus controller, system is illustrated in block diagram form in Fig.
3.1. The stability of the controlled system is evaluated from the eigenvalues of the closed-
loop A matrix for the specified values of the compression system and control parameters.
The slope of the curve of compressor pressure ratio versus corrected flow is the figure of
merit used to assess the effectiveness of the control strategy in stabilizing the compression
system. Figure 3.2 illustrates the flow range extension that would be obtained if the
system is stabilized to the different values of compressor slope, for four characteristic
shapes in the nominally unstable flow regime.
The approach for including control system dynamics is to model the controller
dynamics as a second-order mass-spring-damper mechanical system. The non-
dimensional parameters that characterize the controller dynamics are, Oc/O, loosely
referred to as the controller bandwidth, and the damping ratio, c. To assess the influence
of controller bandwidth, oc/oa is parametrically varied, but limited to values less than 3
to reflect practical constraints. The controller damping ratio is fixed at a value of 0.707.
A few words are in order regarding the role of controller bandwidth on system
performance. The usual interpretation of controller bandwidth is that it accounts for
undesirable time lags in the actuator response to a commanded input signal. However for
the controller bandwidth range in this study, a more appropriate interpretation may be to
consider the controller dynamics as a complex control law [41] (see Fig. 3.1). From this
viewpoint, this analysis is a first step in the evaluation of dynamic compensators for active
surge control, although no attempt is made to study other control laws which may be more
effective.
An additional constraint imposed is an upper bound on actuation level. The
actuator is sized based on practical considerations (for example, the compressor exit bleed
actuator is sized for a maximum of 5 percent bleed flow) and nominally set halfway open
for linear control. If the maximum perturbation in the sensed variable is known, the gain
which saturates the actuator (i.e. moves it to a fully-open or fully-closed position) can be
estimated. Once the upper bound on the actuation level is determined, the maximum
allowable gain is then estimated assuming a 1 percent maximum perturbation level for each
of the sensed variables. The maximum gain is thus different for each actuator/sensor
combination.
One interest in this study is to find actuator/sensor combinations that are effective
in stabilizing the LTS-101 helicopter engine. Therefore the initial screening of actuators
and sensors is done using the compression system parameters estimated for the LTS-101
engine operating at 95 percent speed (see Appendix A); namely, 0=0.4, Lu/Ld=0.4,
Mtip,a=1.57, OB=2 and the compressor pressure ratio (tc,peak= 7 .4 ) and temperature ratio
characteristics. For each actuation scheme the best sensor and optimum controller
bandwidth, Oc/O), are selected. Parameter sweeps on 0 and Lu/Ld are then carried out to
assess the control scheme performance for other engine geometries.
3.3 Diffuser Throat Injection
This approach involves the injection of air into the throat of the vaned-diffuser in
the centrifugal compressor stage in response to a sensor signal of the system. The
performance of a high pressure ratio centrifugal compressor stage depends strongly upon
the flow conditions at the vaned-diffuser throat [35]. For steady-state injection into the
throat, one would expect the diffuser performance to be affected as shown schematically
in Fig. 3.3. Active modulation of the injection air into the diffuser throat thus creates
unsteady pressure perturbations in response to some sensed variable.
3.3.1 Modelling
The flowfield existing in the vaned-diffuser of a high performance centrifugal
compressor is extremely complex and offers little hope of a rigorous analysis of the effect
of mass injection at the throat. The approach taken here is to develop a simple model of
the diffuser throat injection process that captures the dominant features of the flow to
determine if further experimental study is warranted. As shown in Fig. 3.4, the
compressor is split into two parts: the compressor minus the vaned-diffuser (C-VD) and
the vaned-diffuser (VD). The mass injection is normal to the freestream at the inlet
(throat) of the diffuser and is assumed to have a negligible influence on the components
upstream of the throat. The (total-to-total) pressure ratio across the compressor is given as
7 c = C-_VD "tVD (3.1)
where, XC-VD = rC-VD (WC,COR Mtip,2) (3.2)
and VD = VD (Wc,COR M tip,2, Winj) (3.3)
The following assumptions are made:
* The injection process is quasi-steady
* There is negligible flow inertia in the diffuser compared to the total flow inertia
in the compressor duct (i.e. LVD/(Lu+Ld) << 1 )
* There is negligible compliance in the diffuser (coR -M << 1). The continuity
equation is thus
Wd = WC + Winj (3.4)
* The injection air total temperature is the same as the freestream total
temperature
* The injector air is supplied from a constant pressure reservoir with the pressure
high enough to choke the injector orifice
* The injector is modelled as a quasi-steady, one-dimensional, isentropic choked
nozzle flow. The non-dimensional mass flow is given as
0, ininjTo, . Ainj  (3.5)
For given values of P* . and T* .in., the injector flow is a function of only the non-
dimensional injector area, Ainj , which is the control variable for this actuator.dimeniona injctor reaAinj
The mass injection into the throat is assumed to affect the diffuser performance by
two independent mechanisms: throat blockage and additional mixing. Values are
estimated for the sensitivity of the vaned-diffuser pressure ratio, nVD, to changes in the
control variable, Ainj , for each of these two mechanisms; that is
VD VD aBLth aw iniJ VD aWinj
=i * i aVD 1 (3.6)AW BL W DA* SW aA* .inj th  inj ) inj nj mixing i  )
The following method is used to estimate the sensitivity of diffuser performance to
throat blockage, '). The equation below (Eqn. 3.7) is derived (manipulating the
results from Ref. 36) to give Itv as a function of the actual and ideal (inviscid) diffuser
static pressure coefficients, Cp and Cp,i, and the throat Mach number, Mth.
SPo,ex (Cp + F(Mth) -1)
tvD- ' (3.7)Po,th (Cpi + F(Mth)- 1)
P -Pt
where, C - ex th = C p(BLth,Mh,geom...)
Po,ex - Pth
Ci Pex,i -Pth = Ci(Aex / Ath,Mth,Mex)
Po,ex - Pth
2 + (y - 1). M2
F(Mth)  2
The injected mass flow will modify the throat blockage, BLth, and the throat and exit
Mach numbers, Mth and Mex; the corresponding changes in Cp, Cp,i and F(Mth) will
affect the diffuser performance. However, the diffuser static pressure rise, Cp, is a strong
function of the throat blockage and is assumed to dominate the other effects. This allows
the diffuser sensitivity to throat blockage to be approximated as
aEV 1 (3.8)
aBLth ) (Cp i +F(Mth) -l) (BLth )
The value of B is estimated from data for 2-D diffusers with near sonic throat Mach
BLe in the range: -2 -1.
numbers [371 to be in the range: -2 < - < -1.
DBLth
Next, the sensitivity of throat blockage to changes in Winj, ) , is estimated.
As illustrated in Fig. 3.5, the penetration of the injection jet into the freestream reduces the
effective flow area; this is assumed to have the same effect as an increase in the blockage
due to an increase in the boundary-layer thickness (mass flux defect). Thus for this
model, the blockage due to the injection jet depends on how far the jet penetrates into the
freestream. Empirical correlations for jet penetration into a subsonic, infinite freestream
[32] were used to estimate the blockage increase as a function of the momentum ratio, q,
defined as
2 -1
q = inj - U nj _ ,ij Y I *inj (3.9)sinj (3.9)
For a momentum ratio slightly above 1 and a maximum injection mass flow of 5 percent,
the maximum increase in blockage due to the injection jet was estimated to be roughly 25
percent. Therefore using Eqn. 3.8 a change in the diffuser pressure ratio between 11 and
23 percent is estimated.
An upper bound on the sensitivity of the diffuser performance to injection mass
flow due to mixing affects, -0 , is estimated assuming one-dimensional,
( aw )mixing
completely mixed, compressible flow with normal mass injection. From compressible
flow theory [32], the change in total pressure is estimated using the following equation
P,ex 
- Po,th th Winj (3.10)
POth )mixing W
For the maximum injection flow of 5 percent and a throat Mach number of 0.85, a 5
percent change in total pressure is estimated.
The sensitivity of the injector flow to changes in the injector area, ainj) is
Ain
found by differentiating Eqn. 3.5. The above estimates for the partial derivatives in Eqn.
3.6 were used to evaluate the effectiveness of the diffuser throat injection actuator.
The four sensors evaluated for this actuator are compressor duct upstream and
downstream mass flow, Wc and Wd, burner pressure, PB, and compressor inlet total
pressure, Po,2. The gains for each sensor are scaled so that a gain of unity means that a 1
percent perturbation in the sensed variable yields a 1 percent perturbation in the injected
mass flow. The total injection mass flow allowed is 5 percent, so the maximum allowed
perturbation in Winj is ±2.5 percent. Thus for the assumed maximum sensor output
perturbation of 1 percent, the gain for each sensor is limited to magnitudes less than 2.5.
3.3.2 Results
Results for the diffuser throat injection actuator for the LTS-101 surge model
parameters using the four different sensing options are presented in Figs. 3.6 through 3.9.
Figure 3.6 shows the compressor slope at neutral stability as a function of the normalized
gain, KN, for upstream compressor duct mass flow, Wc, sensing. The three curves
represent controller bandwidths, c/oH, of 3, 2 and 1.
As can be observed in Fig. 3.6, increasing the controller bandwidth increases the
effectiveness of this actuator/sensor pair. Also, for a fixed controller bandwidth there
exists an optimum gain; if the magnitude of the gain is increased much beyond this
optimum the controller can destabilize the system. Further, the magnitude of the optimum
gain increases with controller bandwidth. The maximum compressor slope achieved with
this actuator/sensor pair is roughly 6 (for oc/cn=3 and optimum gain setting).
Figure 3.7 presents a similar analysis for sensing downstream compressor duct
mass flow, Wd. Basically the same trends are observed as with the Wc sensor (Fig. 3.6)
except for a slight reduction in the maximum stable compressor slopes achieved.
The burner pressure sensor, PB, is evaluated in Fig. 3.8. The three curves
correspond to controller bandwidths of 3, 1 and 0.6. An interesting trend observed in this
figure is that this actuator/sensor combination actually performs better as the controller
bandwidth is decreased to value of oc/A=0.6, which was the optimum bandwidth found
(if c/6iH is decreased below 0.6 the controller's effectiveness begins to degrade). This
illustrates the point that for proportional control feedback, certain actuator/sensor pairs do
not necessarily perform better as controller bandwidth is increased. Another trend seen in
the figure is that the ability to stabilize surge is increased as the gain is increased only up to
a certain point. After that the performance drops-off rapidly. The maximum compressor
slope achieved with this sensor is about 2.5.
The compressor inlet total pressure sensor, PO,2 , is examined in Fig. 3.9. The two
curves are for values of coc/cO of 3 and 2 with the latter being the optimum bandwidth
found. The performance of this actuator/sensor pair is not very sensitive to bandwidth. It
improves monotonically as the gain is increased upto the limiting value of 2.5. The results
for this sensor are promising, compared to the other sensors, with a maximum stable
compressor slope above 12 for oc/OI =2 and KN= 2 .5 but the gain is much larger.
In Figure 3.10 the Po,2 sensor is further evaluated using the optimum controller
bandwidth of coc/coi=2 (optimum for P=0.4 and Lu/Ld =0.4). In this figure the maximum
stable compressor slope, ii,MAX, (with gains in the range -2.5 5 KN 2.5) is given as a
function of the inertia ratio, Lu/Ld, for the three curves representing stability parameters,
0, of 0.25, 0.5 and 1. Control is less effective as 1 is increased as expected, for the same
reason as with the open-loop. Also, for values of the inertia ratio less than 1, the
controller is less effective than for values greater than 1.
3.4 Close-Coupled Valve (Flow-Fence)
The close-coupled valve actuation scheme evaluated in this section is shown
schematically in Fig. 3.11. The type of valve under consideration is referred to as a
"flow-fence". It is basically a metal ring around the annulus directly ahead of the
compressor face. When extended into the freestream, the flow-fence affects the overall
steady-state pressure rise as illustrated in Fig. 3.12. The interest in this device arises
because the LTS-101 engine loaned to the Gas Turbine Laboratory is equiped with a flow-
fence which is used to increase engine surge margin during starting. By modulating the
flow-fence position, unsteady pressure perturbations can be created in the compressor
duct.
3.4.1 Modelling
The flow-fence is modelled as being integral with the compressor; that is, no
compliance or inertia is assumed between the fence and the compressor. The performance
of the compressor plus fence combination is thus dependent upon the corrected mass
flow, tip Mach number, and also the flow-fence position, Xfp. The normalized fence
position, Xfp, is defined as 0 when fully retracted and 1 for maximum extension into the
flow. This is expressed functionally as:
Po3
c  P0 2 = xc(WC,COR,Mtip, 2 ,Xfp) (3.11)PO,2
Oc T 0 Oc(Wc,COR tip,2 X) (3.12)To,2
The experimental LTS-101 steady-state compressor performance maps were
available for the complete range of flow-fence positions. These maps are used to model
the effect of flow-fence actuation on the compression system. The three sensors evaluated
are Wc, PB and Po,2 . The gain for each sensor is normalized so that for a gain of 1, a 2.5
percent perturbation in the sensed variable yields a fully-open or fully-closed flow-fence.
The maximum magnitude of the gain is thus 2.5.
3.4.2 Results
The results for flow-fence actuation, with the three different sensing options, are
presented in Figs. 3.13 to 3.15. Figure 3.13 shows the compressor slope at neutral
stability for Wc sensing. The three curves represent controller bandwidths of 3, 2 and 1.
The trends are similar to those of Figs. 3.6 and 3.7 for diffuser throat injection. The
maximum compressor slope achieved for this sensor is roughly 5 at the optimum gain
setting and oj/o/=3.
Evaluation of burner pressure sensing is shown in Fig. 3.14. Similar trends are
observed as those in Fig. 3.8 (diffuser throat injection with PB sensing), with the optimum
controller bandwidth also occuring at oc/ok =0.6. The maximum stable compressor slope
found for this scheme is approximately 2.4.
In Figure 3.15 results are given for the inlet total pressure sensor. The three
curves correspond to values of ok/io of 3, 1 and 0.8 with the latter being the optimum
value of the controller bandwidth found. For all three curves the control effectiveness
increases as KN is increased upto the maximum value of 2.5. The maximum compressor
slope observed is 4.1 for coc/ct =0.8 and KN= 2 .5.
The flow-fence actuator with Wc sensing yields the highest compressor slopes
within the bandwidth and gain limitations imposed in this study. Figure 3.16 presents the
maximum stable compressor slope as a function of the stability parameter, 0, and the
inertia ratio, L/JLd, for a controller bandwidth of ok/o~h=3. As in the open-loop case, the
maximum stable slope decreases as 3 is increased and Lu/Ld is decreased. Figure 3.17
illustrates the effect of controller bandwidth on the maximum stable slope for a nominal
value of 3=0.5. For this actuator/sensor pair, bandwidth has a strong influence on the
controller's effectiveness in stabilizing the compression system.
3.5 Compressor Inlet Injection
In this approach, as illustrated in Fig. 3.18, air is injected into the face of the
compressor parallel to the freestream in response to a sensor signal of the system. The
injection modulates the mass and momentum into the compressor which modifies the
effective compressor unsteady performance.
3.5.1 Modelling
The inlet injection process is modelled as a quasi-steady, one-dimensional,
compressible flow. The equation governing the change in total pressure assuming
complete mixing of the mass injected parallel to the freestream is (from Ref. 32)
dPo M ( Uinj drilinP0 o-- M 2 . 1- -in inj (3.13)
PO Uf,) rifs
Equation 3.13 is used to approximate the injector pressure ratio as a function of the
relevant non-dimensional variables as,
0j,2 W2 M i ni P' 2Win2P l-M2' * 1-W .. , j (3.14)
P0,2' W, Pin Ainj W
The perturbations in M2, and P2' are assumed small compared to perturbations in W,,
Pinj
Winj and A nj . The other relevant assumptions used in this analysis are:
* There is negligible flow inertia in the injection region (injector is close-coupled
to the compressor and Linj /(Lu+Ld) << 1 )
* There is negligible mass storage in the injection region ((oR M << 1)
* The injection air total temperature is the same as freestream total temperature
* The injector air is supplied from a constant pressure reservoir
* The injection pressure is high enough to choke the injector orifice
* Flow in the injector is quasi-steady, one-dimensional, compressible and
isentropic
The non-dimensional injector mass flow is given as a function of the injection pressure,
temperature and area (for a quasi-steady, one-dimensional, isentropic, choked nozzle) as
Winj= F A (3.15)
S o,in
Since P and T* .. are constant, the injector flow is a function of only the non-O, inj 0, 11i
dimensional injector area, Ainj , which is the control variable for this actuator.
The four sensors to be evaluated in this study are Wc, Wu, PB and PO,2.. The
controller gain for each sensor is normalized so that a 1 percent perturbation in the sensed
variable yields a 1 percent perturbation in the injection flow. No more than 5 percent
injection mass flow is allowed. Thus for the assumed maximum perturbation in the
sensor output signal of 1 percent, the normalized gain magnitude is limited to values less
than 2.5.
3.5.2 Results
The results for the four different sensing options are given in Figs 3.19 through
3.22. The controller performance using the compressor mass flow sensor is shown in
Fig. 3.19 where the compressor slope at neutral stability is plotted versus the normalized
gain. The three curves are for controller bandwidths, c/coH, of 3, 2 and 1. Similar trends
are observed as those obtained with the diffuser throat injection and close-coupled valve
actuators (Figs. 3.6, 3.7, 3.13). For the maximum controller bandwidth of c/oH=3, a
compressor slope slightly above 4 is achieved. Similar trends are also observed in Fig.
3.20 for a mass flow sensor upstream of the injector. The maximum stable compressor
slope for the Wu sensor is roughly 3.25.
Figure 3.21 presents the results using the burner pressure sensor. The three
curves are for bandwidths of coc/o = 3, 2 and 0.6, with the latter being the optimum
value found. The slope at neutral stability increases as the magnitude of the gain is
increased to the limit of 2.5 with the maximum slope achieved slightly above 1.8 for
Wc/o~q=0.6 and KN=- 2 .5. Essentially the same trends are observed in Fig. 3.22 for the
PO,2' sensor, with oc/cqH=0. 6 also the optimum controller bandwidth observed. The
maximum stable slope attained was slightly above 1.7.
The results of Figs. 3.19 through 3.22 reveal that compressor mass flow is the
most effective sensor for this actuator. In Figure 3.23 the effect of the stability parameter
and inertia ratio on the maximum stable compressor slope is examined for a controller
bandwidth of 3. In general as 3 is increased the controller's ability to stabilize the
compression system is reduced, although this is less pronounced for inertia ratios above
1.
In Figure 3.24 the effect of controller bandwidth on the the maximum stable
compressor slope is shown for a nominal value of 3=0.5. For this actuator/sensor
combination, bandwidth strongly influences the controller's ability to stabilize the system.
3.6 Compressor Exit Bleed
This approach, as illustrated in Fig. 3.25, consists of a variable area valve
located at the exit of the compressor which is used to modulate the amount of mass flow
bled from the compressor duct. The idea is to modulate the bleed valve area in proportion
to a measured flow variable.
3.6.1 Modelling
The equations and assumptions used to model the effect of compressor exit bleed
on the surge dynamics of a high pressure ratio compression system are:
* There is negligible flow inertia in the bleed region (bleed valve is close-coupled
to the compressor and Lbl /(Lu+Ld) << 1)
* There is negligible mass storage in the bleed region (coR • M << 1)
* No viscous losses are incurred on the freestream due to the bleed flow
* Flow through the bleed valve is quasi-steady, one-dimensional and isentropic
Conservation of mass for the bleed region downstream of the compressor is given as
Wd = WC - Wbl (3.16)
The non-dimensional bleed mass flow is expressed as,
Wbl ,3 Abl  (3.17)
Equations 3.16 and 3.17 are implemented within the framework of the open-loop
engine surge model. The four sensors examined in this analysis are Wc, Wd, PB and PO,2.
The gain for each sensor is normalized so that a 1 percent perturbation in the sensed
variable yields an approximate 1 percent perturbation the the bleed mass flow. The
maximum bleed flow is limited to 5 percent and thus the magnitude of the controller gain
is limited to less than 2.5.
3.6.2 Results
The results for compressor exit bleed actuation are presented in Figs. 3.26 to 3.30.
In Figure 3.26 the compressor slope at neutral stability is given as a function of controller
gain and bandwidth for the Wc sensor. The figure shows that the ability to stabilize surge
is increased as the bandwidth is decreased to the optimum value of coc/~o=0.5. A fall-off
in control effectiveness is observed as the magnitude of the gain increases beyond a certain
level. The maximum stable slope observed is approximately 2.4. Figure 3.27 shows
similar trends for the downstream mass flow sensor. The maximum compressor slope
obtained for this sensor is roughly 1.9 at the optimum bandwidth of oc/o)=0.3.
Results for the burner pressure sensor are given in Fig. 3.28. Decreasing the
bandwidth has a slight stabilizing influence until the optimum value of coc/O= 1.2 is
reached. The maximum slope realized with this sensor is roughly 1.2 (at KN=- 2 .5 and
c~/c= 1.2).
Figure 3.29 shows the results for the compressor inlet total pressure sensor. The
three curves for coc/ou = 3, 2 and 1 illustrate the slight destabilizing effect of decreasing
the controller bandwidth. A compressor slope of approximately 1 is attained for KN=- 2 .5
and Oci/H= 3 .
Figures 3.26 through 3.29 indicate that the compressor mass flow sensor is the
most effective for the compressor exit bleed actuator. Figure 3.30 presents the results of
parametric variations in 0 and Lu/Ld for the Wc sensor. This actuator/sensor pair is
sensitive to variations in 0 and Lu/Ld. There is a decrease in control effectiveness with
increasing p and decreasing Lu/Ld.
3.7 Fuel-Flow Modulation
In this approach the fuel-flow rate into the combustor is modulated in response to a
system output variable. The main advantage of this actuator is the relative ease of
implementation.
3.7.1 Modelling
The equations used to model the effect of fuel-flow modulation were previously
developed in Chapter 2. The conservation of energy equation is rewritten below for
reference.
dP (Wc To,4 -WTT;)+ Q (2.32)
dc TB-P
The non-dimensional heat-release rate is given as a function of the non-dimensional fuel-
flow rate, WF, as
( __B HV (7- 1) )WF (3.18)
The fuel-flow modulation affects the system dynamics through the heat-release term in the
combustor energy balance.
The flow variables Wc, PB and PO,2 are assessed as possible sensing options. The
gain for each sensor is scaled so that a 1 percent perturbation in the sensor signal results in
an approximate 1 percent fuel-flow perturbation. As a practical constraint the maximum
fuel-flow perturbation allowed is set at ± 2.5 percent. The magnitude of the normalized
gain for each sensor is restricted to values less than 2.5.
3.7.2 Results
Figures 3.31 through 3.34 present the results of the fuel-flow modulation
analysis. The three sensors are evaluated in Figs. 3.31, 3.32 and 3.33 for the nominal
LTS-101 surge model parameters. In Figure 3.31, compressor slope at neutral stability is
given as a function of the normalized gain for the three curves of ok/)i = 3, 1 and 0.4.
From this figure it is observed that the compression system is destabilized by the
controller for the maximum bandwidth of oc/oi=3. However, as the bandwidth is
reduced to the optimum value of o/o=0.4, the performance noticeably improves, with a
compressor slope of 1.8 being achieved.
Figure 3.32 presents the results for the burner pressure sensor. Decreasing the
controller bandwidth has a slight stabilizing effect until the optimum of Oc/O= 1 is
reached. The maximum compressor slope achieved is 1.6 (at KN= 2 .5 and COc/i= 1).
The results for the inlet total pressure sensor are given in Fig. 3.33. For this
sensor controller performance is slightly degraded as the bandwidth is decreased. The
maximum stable slope is roughly 1.4.
The above results indicate that the Wc sensor with a bandwidth of coc/oH-0.4 is the
most effective for the fuel-flow modulation actuator. The affect of 3 and Lu/Ld on stability
for this actuator/sensor pair is shown in Fig. 3.34. As P is increased the maximum stable
compressor slope that can be achieved is reduced. It is also apparent that control is more
difficult for inertia ratios less than 1.
3.8 Aerodynamic Damper
The aerodynamic damper is a passive surge control strategy, as opposed to the
previous active control strategies, which extends the stable operating range through
aerodynamic feedback in the compression system. The feedback is used to enhance the
system's ability to dissipate unsteady fluid energy. The aerodynamic damper, as
illustrated in Fig. 3.35, is essentially a damped Helmholtz resonator driven by unsteady
pressure perturbations at the combustor inlet. The damper has its own fluid inertia,
compliance and damping which can be tuned to achieve maximum unsteady energy
damping.
3.8.1 Modelling
The aerodynamic damper is modelled using the following approximations:
* One-dimensional, unsteady, inviscid flow of a perfect gas in the inertia duct
* Flow in the inertia duct has negligible compliance
* Fluid in plenum volume is compressible, has negligible velocity, uniform flow
properties and negligible flow inertia
* Plenum pressure is isentropically related to the plenum density
* All viscous losses are modelled using a quasi-steady throttle actuator disk
The conservation of momentum equation for the fluid in the damper inertia duct is given in
the following non-dimensional, linearized form
d(WA) D 1 (*
d( D)= I - m AD - AD) (3.19)dz
( u d(AP AAD)
where, mAD d(POAD is the slope of the aerodynamic damper non-dimensional
d(WAD )
throttle characteristic and I is the Engine-to-Damper Inertia Ratio, defined as
_(Lu + Ld)/ AcI- (3.20)
LAD / AAD
The conservation of mass equation for the fluid in the damper plenum is
d(g) _1 K -WAD (3.21)dt 3
The Burner-to-Damper Compliance Ratio, K, is defined as
T V VR
K AD V R (3.22)
T, V A TR
where, the Burner-to-Damper Volume and Temperature Ratios, VR and TR, are defined
as
VR VB (3.23) and TR= TB (3.24)
V T *AD AD
The parameters I, VR and TR affect the degree of interaction between the compression
system and the aerodynamic damper.
3.8.2 Results
The ojective is to find values of the aerodynamic damper parameters I, VR and
mAD that achieve maximum energy dissipation for the LTS-101 engine. The method used
is to fix the value of I and search the remaining VR and mAD parameter space. The
nominal value of I chosen for this study was 0.15, which was selected based on
accessibility constraints for the LTS-101 engine test stand (i.e. to get a long enough
damper inertia duct).
The results of the parameter search are presented in Figs. 3.36 and 3.37. The
maximum stable compressor slope attained is slightly above 1.7 for the optimum damper
parameters of mAD,opt=4.6 and VRopt=1.35. These values are only local maximums. If
the nominal value of I (or any of the compression system parameters) is changed, different
optimum values of mAD and VR, as well as mx, will be found.
In Figures 3.38, 3.39 and 3.40 the affect of "off-design" values of the stability
parameter, 3, and inertia ratio, Lu/Ld, are examined. Each figure corresponds to a
different value of 1, 0.25, 0.5 and 1, respectively. In each figure the damper geometry is
fixed at I=0.15 and VR=1.35, the optimum values for 3=0.4, Lu/Ld=0.4. The
compressor slope at neutral stability is plotted as a function of mAD for values of Lu/Ld of
0.1, 1 and 10. All three figures show the same general trends. The maximum stable
compressor slope is increased as Lu/Ld is increased from 0.1 to 1 or higher, but there is
little difference as Lu/Ld is increased from 1 to 10. The optimum value of the damper
throttle slope tends to increase as Lu/Ld is increased and the maximum stable compressor
slope is strongly reduced by increases in P.
3.9 Discussion of the Results
The results are summarized in Fig. 3.41 which is a plot of the maximum stable
compressor slope achieved for each actuator/sensor pair examined. The most effective
actuation approaches are diffuser throat injection, a close-coupled valve (flow-fence) and
compressor inlet injection. All three actuators are close-coupled to the compressor and
modulate the flow momentum in the duct. These approaches have a large influence on
stability because they directly alter the compressor's ability to feed unsteady energy into
the flow disturbances. For example, if a close-coupled actuator is used to create pressure
perturbations 1800 out of phase with compressor mass flow perturbations (the sensor),
the effective slope of the equivalent compressor (compressor plus controller) can be made
negative, even though the quasi-steady slope of the uncontrolled compressor is positive
[39,41]. This is illustrated schematically in Fig. 3.42; it is analogous to the equivalent
resistance of two resistors in series.
The most effective actuator/sensor combination was diffuser throat injection with
inlet total pressure sensing, achieving a stabilized compressor slope of roughly 12.
Diffuser throat injection with compressor mass flow sensing was also effective, achieving
a slope of approximately 6. The close-coupled valve and inlet injection actuators with
compressor mass flow sensing stabilized the system to slopes of roughly 4 to 5.
Some common features are observed for the close-coupled control schemes that
actuate on the duct flow momentum while sensing compressor mass flow. The
controller's ability to stabilize the system significantly improves as controller bandwidth is
increased. In this approach, time lags between the pressure perturbations created by the
actuator in reponse to the sensed compressor mass flow perturbations are undesirable
because the controller is less effective in modifying the unsteady compressor slope.
Therefore if higher actuator bandwidths can be achieved (okc/cO=3 was the highest value
considered in this study), steeper compressor slopes can be obtained. Close-coupled
control is also less sensitive to increases in the system compliance-to-inertia ratio, P. As
illustrated in Fig. 3.43 [39], the damping provided by flow momentum actuation with
compressor flow sensing is not decoupled from the compressor (the energy source) as [
is increased, as is the case for other downstream actuation/sensing approaches. For
engines with large values of the stability parameter, 1, this type of control strategy is
desirable.
The compressor exit bleed actuator is also close-coupled to the compressor but
only modulates the mass flow, not momentum. The maximum compressor slope obtained
was roughly 2.5 using a mass flow sensor. This actuator/sensor pair performed better at a
"low" controller bandwidth of coc/oHi=0.5; this scheme could possibly be improved
through better control law design. This control strategy is sensitive to increases in 3.
Fuel-flow modulation and the aerodynamic damper control strategies, both of
which actuate in the downstream plenum, are the least effective. As expected, both
approaches are sensitive to increases in [. The maximum compressor slope achieved with
these schemes were roughly 2. Fuel-flow modulation performed best, with a compressor
mass flow sensor, at a controller frequency ratio of ok/o~=0.4. Although the passive
aerodynamic damper was not the most effective control strategy, it is an interesting
approach because it does not require any electromechanical actuators, sensors or
processors; no external power or mass flow is required and no steady-state pressure drop
is associated with its use.
The mass flow range extension that will be obtained for each of these control
strategies is not known because the compressor characteristic in the nominally unstable
flow regime is unknown (illustrated in Fig. 3.2). If the compressor performance falls-off
steeply past the peak of the speedline then the more effective close-coupled actuators must
be used to gain a noticable improvement in stability. However, if the compressor
performance is smoothly extended past the peak of the speedline, the less effective
strategies might also yield significant increases in the stable flow range.
Open-Loop Engine
Surge Dynamics
(with Actuation)I
Proportional
Control Law
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Figure 3.3: Schematic Representation of the Effect of Steady-State Mass Injection
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Compressor
- Without
Vaned-Diffuser
2 \
Vaned-Diffuser
/3
Diffuser
Throat
Injector
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Figure 3.5: Schematic of Flowfield in Diffuser Passage with Mass Injection
at the Throat.
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Figure 3.10: Maximum Stable Compressor Slope for Diffuser Throat Injection with
Inlet Total Pressure Sensor as a Function of the Stability Parameter and
Inertia Ratio: (/co 1c/ )opt=2, -2.5<KN<2.5, 0 B=2, LTS-101 Ch'ic.
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Figure 3.11: Schematic of Flow-Fence Close-Coupled Valve Actuator.
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Figure 3.12: Schematic Representation of the Effect of Steady Flow-Fence Extension
into the Freestream on Compressor plus Flow-Fence Performance.
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Figure 3.13: Closed-Loop Stability for the Flow-Fence Valve with Compressor Mass
Flow Sensor (Wc) as a Function of Controller Bandwidth (cOc/a) and Gain
(KN): 3=0.4, Lu/Ld=0.4, 0B=2, LTS-101 Ch'ic.
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Figure 3.14: Closed-Loop Stability for the Flow-Fence Valve with Burner Pressure
Sensor (PB) as a Function of Controller Bandwidth (Oc/O) and Gain (KN):
P=0.4, Lu/Ld--0.4, 6 B=2, LTS-101 Ch'ic.
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Figure 3.15: Closed-Loop Stability for the Flow-Fence Valve with Inlet Total Pressure
Sensor (Po,2 ) as a Function of Controller Bandwidth (coc/oA) and Gain
(KN): 3=0.4, Lu/Ld=0.4, 6 B=2 , LTS-101 Ch'ic.
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Maximum Stable Compressor Slope for the Flow-Fence Valve with
Compressor Mass Flow Sensor as a Function of the Stability Parameter
and Inertia Ratio: coc/iH=3, -2.5<KN< 2 .5, eB=2, LTS-101 Ch'ic.
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Figure 3.17: Maximum Stable Compressor Slope for the Flow-Fence Valve with
Compressor Mass Flow Sensor as a Function of the Controller Bandwidth
and Inertia Ratio: 0=0.5, -2 .5 <KN<2 .5, B,=2, LTS-101 Ch'ic.
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Figure 3.18: Schematic of Compressor Inlet Injection Actuator.
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Figure 3.19: Closed-Loop Stability for Compressor Inlet Injection with Compressor
Mass Flow Sensor (Wc) as a Function of Controller Bandwidth (C/coI) and
Gain (KN): =--0.4, Lu/Ld=0.4, 6 B=2 , LTS-101 Ch'ic, P ,i=2.
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Figure 3.20: Closed-Loop Stability for Compressor Inlet Injection with Upstream Duct
Mass Flow Sensor (Wu) as a Function of Controller Bandwidth (cc/clo)
and Gain (KN): P=0.4, Lu/Ld=0.4, 6 B=2, LTS-101 Ch'ic, Po,inj=2.
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Figure 3.21: Closed-Loop Stability for Compressor Inlet Injection with Burner Pressure
Sensor (P*) as a Function of Controller Bandwidth (wc/j) and Gain
(KN): =--0.4, Lu/Ld=0.4, OB=2, LTS-101 Ch'ic, Po.inj=2.
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Figure 3.22: Closed-Loop Stability for Compressor Inlet Injection with Inlet Total
Pressure Sensor (PO, 2.) as a Function of Controller Bandwidth (coc/ci4)
and Gain (KN): 1=0.4, Lu/Ld=0.4, 0 B=2, LTS-101 Ch'ic, Poinj=2.
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Figure 3.23: Maximum Stable Compressor Slope for Compressor Inlet Injection with
Compressor Mass Flow Sensor as a Function of the Stability Parameter
and Inertia Ratio: coc/cR=3, -2 .5 <KN< 2 .5, 0 B=2, LTS-101 Ch'ic, Po,inj=2.
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Figure 3.24: Maximum Stable Compressor Slope for Compressor Inlet Injection with
Compressor Mass Flow Sensor as a Function of the Controller Bandwidth
and Inertia Ratio: j=0.5, -2 .5 <KN< 2 .5, OB=2, LTS-101 Ch'ic, Po.inj=2.
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Figure 3.25: Schematic of Compressor Exit Bleed Actuator.
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Figure 3.26: Closed-Loop Stability for Compressor Exit Bleed with Compressor Mass
Flow Sensor (Wc) as a Function of Controller Bandwidth (cOc/t) and
Gain (KN): 3=0.4, Lu/Ld=0.4, 08=2, LTS-101 Ch'ic.
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Figure 3.27: Closed-Loop Stability for Compressor Exit Bleed with Downstream Duct
Mass Flow Sensor (Wd) as a Function of Controller Bandwidth (cOc/Oa)
and Gain (KN): (=0.4, Lu/Ld=0.4, 6B=2, LTS-101 Ch'ic.
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Figure 3.28: Closed-Loop Stability for Compressor Exit Bleed with Burner Pressure
Sensor (Pt) as a Function of Controller Bandwidth (COc/COa) and Gain
(KN): =--0.4, Lu/Ld=0.4, 0 B=2, LTS-101 Ch'ic.
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Figure 3.29: Closed-Loop Stability for Compressor Exit Bleed with Inlet Total
Pressure Sensor (PO, 2 ) as a Function of Controller Bandwidth (coc/cH)
and Gain (KN): 13=0.4, Lu/Ld=0.4, 0 B=2 , LTS-101 Ch'ic.
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Figure 3.30: Maximum Stable Compressor Slope for Compressor Exit Bleed with
Compressor Mass Flow Sensor as a Function of the Stability Parameter
and Inertia Ratio: ()c/coH)opt=0.5, -2 .5<KN<2.5, 8 B=2 , LTS-101 Ch'ic.
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Figure 3.31: Closed-Loop Stability for Fuel-Flow Modulation with Compressor Mass
Flow Sensor (Wc) as a Function of Controller Bandwidth (Oc/ci) and
Gain (KN): =-0.4, Lu/Ld=0.4, 6 B=2 , LTS-101 Ch'ic.
0 0.5 1 1.5 2
Normalized Gain, KN
Figure 3.32: Closed-Loop Stability for Fuel-Flow Modulation with Burner Pressure
Sensor (Pt) as a Function of Controller Bandwidth (cc/(o) and Gain
(KN): P=0.4, Lu/Ld=0.4, OB=2, LTS-101 Ch'ic.
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Pressure Sensor (PO, 2 ) as a Function of Controller Bandwidth (oc/coH)
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Figure 3.34: Maximum Stable Compressor Slope for Fuel-Flow Modulation with
Compressor Mass Flow Sensor as a Function of the Stability Parameter
and Inertia Ratio: (oc/cH)opt=0.4, -2 .5 <KN< 2 .5, eB=2, LTS-101 Ch'ic.
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Figure 3.35: Schematic of Aerodynamic Damper Passive Surge Control Strategy.
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Figure 3.37: Closed-Loop Stability for the Aerodynamic Damper as a Function of the
Burner-to-Damper Volume Ratio (VR): P=0.4, Lu/Ld=0.4, 1=0.15,
mAD,opt=4.6, 8,= 2 , LTS-101 Ch'ic.
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Figure 3.38: Closed-Loop Stability for the Aerodynamic Damper as a Function of the
Damper Throttle Slope and Inertia Ratio: P=0.25, I=0.15, VR= 1.35,
eB=2, LTS-101 Ch'ic.
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Figure 3.40: Closed-Loop Stability for the Aerodynamic Damper as a Function of the
Damper Throttle Slope and Inertia Ratio: P=1.0, 1=0.15, VR=l.35,
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Figure 3.42: Illustration of the Effect of Close-Coupled Flow Momentum Actuation
with Mass Flow Sensing on the Equivalent Unsteady Compressor Slope.
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Chapter 4
Summary and Conclusions
The summary and conclusions are divided into two sections: (a) results pertaining
to the basic engine with no control and (b) results of the closed-loop actuator/sensor study.
4.1 Summary of Engine Stability Behavior with No Control
A lumped parameter model of a gas turbine engine has been developed. The criteria
that must be satisfied for the lumped parameter approximations to hold were examined in
some detail. A crucial assumption is related to the negligence of compliance in the
compressor duct which depends on the characteristic length scales and wavelengths of the
unsteadiness. For the LTS-101 engine examined these assumptions may be adequate for
the open-loop dynamics; however, if high frequency actuators are placed in the engine to
modify the dynamics, the modelling assumptions may break down.
The impact of phenomena in the engine environment on surge inception were
examined, including the effects of compressor pressure ratio, density fluctuations at the
compressor inlet due to upstream inertia, non-isentropic processes in the combustor, and
rotor speed fluctuations due to compressor/turbine shaft dynamics. The main conclusions
drawn from this analysis were:
* Increasing the compliance-to-inertia ratio (i.e. decoupling the turbine from the
compressor) has a strong destabilizing influence on engine stability.
* Increasing the ratio of the upstream-to-dowstream inertia, Lu/Ld, has a stabilizing
influence on engine stability, with the effect becoming stronger at high
compressor pressure ratios.
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* For values of steady-state heat addition and compressor temperature slope
expected in a helicopter engine, the effect of non-isentropic processes in the
combustor significantly destabilizes the engine.
* Rotor speed fluctuations due to compressor/turbine shaft dynamics have a
negligible effect on engine stability for practical values of the rotor inertia.
4.2 Summary of Actuator/Sensor Study
The lumped parameter engine model was used to evaluate several dynamic surge
control strategies. The following actuators were studied: diffuser throat injection, a close-
coupled valve (flow-fence), compressor inlet injection, compressor exit bleed, fuel-flow
modulation and a passive aerodynamic damper. The sensors examined were compressor
duct mass flow, burner pressure, and compressor inlet total pressure. A stability analysis
of each actuator/sensor pair was performed using the compression system parameters
estimated for the LTS- 101 helicopter engine. Constraints on controller bandwidth and gain
were imposed to simulate practical limitations in both actuator technology and control
authority. The conclusions of the study were:
* The most effective actuation approaches were those close-coupled to the
compressor which modulate the flow momentum in the duct. In decreasing order
of effectiveness, these were diffuser throat injection, a close-coupled valve and
compressor inlet injection.
* The most promising control scheme was diffuser throat injection with inlet total
pressure sensing, achieving compressor slopes of over 12. Diffuser throat
injection with compressor mass flow sensing achieved a slope of roughly 6.
* The close-coupled valve and inlet injection actuators achieved compressor slopes
in the range of 4 to 5 with a compressor mass flow sensor.
* Compressor exit bleed was not as effective, attaining compressor slopes of about
2.5 using a mass flow sensor.
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* Fuel-flow modulation and the passive aerodynamic damper, both of which actuate
in the downstream plenum, achieved compressor slopes of approximately 2.
* The performance of some actuator/sensor combinations improved as the controller
bandwidth was decreased to some optimum level.
In summary, the analysis indicates that several dynamic surge control strategies
have been identified which appear to be feasible for implementation in an existing gas
turbine engine.
4.3 Recommendations for Future Research
There are several research areas that should further contribute to the goal of
demonstrating dynamic control in a helicopter gas turbine engine. First and foremost, more
complete high response surge inception data should be taken on the helicopter engines in
the Gas Turbine Laboratory. The data should be used to determine the role of rotating stall
in the surge inception process of a high pressure ratio centrifugal compressor with a vaned-
diffuser. This is important in assessing the validity of one-dimensional modelling,
actuation and sensing approaches.
The transfer function of both engines also should be measured to assess the validity
of the lumped parameter model developed in this thesis. A more effective forcing method
than the compressor exit bleed valve used by Bell [9] is needed to overcome the high noise
levels in an operating engine; both mass flow and pressures in the engine should be
measured. If the engine dynamics are found to be distributed, rather than lumped, for the
frequencies of interest, an accurate transfer function of the compressor alone would be
useful for the design of close-coupled actuation and sensing approaches.
There is also much to be done in the development of a control strategy. The
analyses in this thesis indicate that further experimental study of close-coupled actuators
that modulate the flow momentum is warranted. The diffuser throat injection scheme is the
most promising. As a first step, the effect of steady-state mass injection, or bleed, at the
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diffuser throat in the engine should be measured to give an idea of the effectiveness of this
approach. Any experimental demonstration of close-coupled control strategies should
measure, and attempt to minimize, any steady-state performance penalties (i.e. pressure
drop, mass bleed or injection) associated with the active control.
Another area that can yield significant gains in control performance is the
development of high bandwidth actuators. The effectiveness of the closed-coupled
actuators that modulate the flow momentum using mass flow sensing was shown to
increase significantly as controller bandwidth is increased.
The results of this study using proportional control indicates that more sophisticated
control laws should be investigated for the actuator/sensor combinations that performed
well with low controller bandwidths. There is a possibility that the performance of these
schemes can be improved if the restriction to proportional control is removed.
Finally, due to the simplicity and low cost of the aerodynamic damper passive
control scheme, it is recommended that this approach be implemented on one of the
helicopter engines in the Gas Turbine Laboratory. The analysis predicts that a properly
tuned damper can stabilize the engine to compressor slopes of approximately 2. Such an
experiment would determine the effectiveness of the simplest possible dynamic control
strategy as well as reveal information on the "steepness" of the compressor speedlines in
the nominally unstable flow regime.
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Appendix A
Estimation of Surge Model Parameters
In this appendix the method used to estimate the surge model parameters from an
engine geometry is discussed and values are estimated for a Lycoming LTS- 101
helicopter engine. Some of the issues involved with the estimation of model parameters
for high pressure ratio compressors are discussed. The lumped parameter modelling
assumptions are also assessed for the LTS-101 engine using the estimated parameters.
The goal is to size the model parameters so that the same dynamic response as the real
system is obtained.
A.1 Equivalent Model Inertia
To understand the method used to calculate the model geometry from an engine,
the derivation of the momentum equation (previously given in Chapter 2) is presented.
The problem is illustrated in Fig. A.1 by a variable area duct with a compressor operating
in it. The compressor creates a density rise in the duct (the density can increase by as
much as a factor of 4 in a helicopter engine ). In the actual engine the density, velocity
and area are all functions of axial distance, x, whereas, in the model the compressor duct
is represented as being of constant area (see Fig. A. 1). The main modelling assumption is
that the compliance in the compressor duct, including the compressor, is negligible (i.e.
the duct fluid dynamics are well approximated as an incompressible flow). The mass
flow is thus viewed as being uniform throughout the duct with the density in each duct
constant, although a finite density rise across the compressor is allowed.
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Upstream Duct:
In Chapter 2 the incompressible form of the momentum equation is use to model
the duct fluid dynamics, which was given as:
-Un(x) PPu(x) a( - u U2 (x)) a u() (2.4)
Vu t - x 2 x ax
This equation is integrated over the upstream duct assuming p, is constant and using th
continuity relation to yield,
U.Au(x) Au (x)
u (-X) -dx=f d'A() dx = Po1 -PO,2 (A.1)
o at o at
Since the mass flow, rhiu, is not a function of x, the left hand side of Eqn. A. 1 can be
written as
dmg LU 1
Iu dx = Po - Po,2dt o AU(x)
where the upstream inertia duct length-to-area ratio is thus defined as,
L Lu 1 dx
-Ac AU dx
Ac o Au(x)
(A.2)
(A.3)
The engine and model should show similar dynamic behavior provided their equivalent
length-to-area ratios are the same and the modelling assumptions are valid.
Downstream Duct:
The conservation of momentum equation for the downstream duct is integrated
and manipulated, as done for the upstream duct, to yield
drl d Lu+Ld 1S dx = PO,3 - PO,4 (A.4)
dt LU Ad(X)
For no internal compliance in the compressor, rhu equals rad and one can define the
length-to-area ratio for the downstream duct as
Ld Lu+Ld d
-= "dx (A.5)
Ac LU Ad(X)
The analysis implies that the density rise across the compressor does not affect the
calculation of the model duct lengths. This result seems counter-intuitive if one expected
131
e
the inertia, and thus duct length, to increase with density. However to obtain the same
dynamic response, the product of mass and acceleration must be matched. Although the
mass per unit volume increases with density, the velocity, and thus acceleration, must
decrease to keep the mass flow constant across the compressor. Thus the two effects,
increasing inertia and decreasing acceleration, balance each other so there is no direct
effect of density rise on the model duct length calculation. However, we should note that
the density variations existing in the actual engine are implicitly accounted for in the flow
path geometry.
A.2 Equivalent Model Compliance
The combustor is assumed to behave as the compliance (spring) of the lumped
parameter system. To understand how the equivalent model compliance is obtained from
the engine geometry the equations governing the combustor dynamics derived in Chapter
2 are rewritten below. The control volume form of the mass conservation equation for
the combustor was given as
dPB. VB = rhc - rh (2.17)
dt
and the conservation of energy equation as
d(cv. B-T)d(cv V, = ric cTO,4 - ri cPTo,5 + Q (2.18)dt
In Equations 2.17 and 2.18, PB and tB are the volumetric average burner density and
temperature, repectively, which are defined as
PB = PBdV (A.6)
VB
'B = T, dV (A.7)
From these equations we see that the model should have the same volume size and flow
property distributions as the real engine.
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A.3 Estimation of LTS-101 Model Geometry
A cross-section of the LTS-101 engine is shown in Fig. A.2. The engine
geometry is divided into 6 distinct regions to allow various duct length and volume
combinations to be used according to the different lumping assumptions discussed below.
An inlet bellmouth is used on the experimental test engine but is not shown in the figure.
The 6 regions of the engine geometry are:
I. Inlet Bellmouth - geometry not shown in Fig. A.2
II. Compressor Inlet - transition ducting from bellmouth to compressor face
III. Compressor - axial stage (rotor and stator) and impeller (rotor only)
IV. Radial Diffuser - vaneless region and vaned-diffuser (r-e geometry not shown)
V. Transition Duct - ducting from vaned-diffuser exit to combustor inlet
VI. Combustor - combustor inlet to HP turbine inlet
The length-to-area ratio and volumes are estimated for each region of the engine. The
flow path was discretized into finite sections to allow an accurate approximation of the
geometric integrals with a finite summation. Detailed estimates of the geometry were
made except in regions where detailed flow path information was not available. For
example, the internal compressor flow path was not available so the flow areas, lengths
and volumes were estimated from the cross-section geometry. Table A. 1 gives the
estimates of the model parameters (L/A and Volume) for each region of the LTS-101
engine. The asterisks mark regions where detailed flow path geometry was not available
or was only approximate.
Other relevant engine parameters used in the calculation of the non-dimensional
surge model parameters are listed in Table A.2.
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Region L/A [ in-1 ] VB [ in3 ]
I 0.373 2,920
II 0.171* 1,120*
III 0.402* 86.1*
IV 0.843 36.1
V 0.222 139
VI 0.074* 477
Table A.1: LTS-101 Engine Geometry Estimates
Compressor Inlet Flow Area, Ac 18.45 in 2
Impeller Tip Speed, Utip, at N=95% 1751 ft/s
Impeller Tip Mach Number, Mtip,a, 1.57
at N=95%
Speed of Sound in Combustor 2,137 ft/s
at N=95% (approximate)
Table A.2: Relevant LTS-101 Engine Parameters
A.4 Estimation of LTS-101 Surge Model Parameters
The engine model of Chapter 2 showed that the engine surge dynamics depends
on the stability parameter, 0, and the inertia ratio, Lu/Ld. The definition of P is given
below for reference:
1 _ VB 2.B
= y .T "(Lu+Ld) Ac - -MT,a
(2.33)
The stability parameter has been expressed as a function of the B parameter [13], which is
also calculated for reference.
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Another relevant parameter for active control is the system Helmholtz frequency,
oH, which is rewritten below for convenience.
AC
OH = aB c (2.28)
V , (Lu + Ld)
cH is a relevant time scale for the linear surge inception oscillations.
From the LTS-101 engine geometry one can see that the boundaries of the
"lumped" parameter inertia (characterized by L/A) and compliance elements
(characterized by V) are not easy to discern. Therefore, several different sets of
assumptions are made in the lumped modelling of the system to try to bracket the actual
values of the surge model parameters. The lumping assumptions are listed below,
generally in order of decreasing confidence.
1. Inertia duct consists of regions I through V; Plenum volume consists of
region VI
2. Inertia duct consists of regions I through V; Plenum volume consists of
regions IV through VI
3. Inertia duct consists of regions II through V (no bellmouth); plenum volume
consists of region VI
4. Inertia duct consists of regions I through V; Plenum volume consists of
regions I through VI (entire engine)
5. Inertia duct consists of regions II through V (no bellmouth); plenum volume
consists of regions I through VI (entire engine)
Table A.3 lists the estimates of the surge model parameters from the engine geometry
using the various lumping assumptions given above and geometry parameters listed in
Table A.2.
The predicted ranges on the surge model parameters is, P~ between 0.37 and 1.29,
B between 0.34 and 1.20, and oH between 42 and 146 Hz. The purpose of the different
lumping assumptions was to bracket the values of the model parameters. However,
assumptions 4 and 5 used the entire engine volume as the compliance volume; which is
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dubious considering that the volume downstream of the compressor contains most of the
mass stored in the system. The first three assumptions are believed to be more
appropriate estimates.
Assumpt. L/A [in-1]  VB [in 3] B 3 coH [Hz]
1 2.011 477 0.342 0.368 132
2 2.011 652 0.400 0.431 113
3 1.638 477 0.379 0.408 146
4 2.011 4,778 1.082 1.165 41.6
5 1.638 4,778 1.199 1.291 46.1
Table A.3: Estimates of LTS-101 Surge Model Parameters at 95 Percent Speed
The estimation of the ratio of the upstream-to-downstream inertia, Lu/Ld, requires
a different set of assumptions. The various lumping assumptions used, in order of
decreasing confidence, are:
1. The upstream inertia duct consists of regions I and II; the downstream inertia
duct consists of regions III through V.
2. The upstream inertia duct consists of regions I through III (includes the
compressor); the downstream duct consists of regions IV through V.
3. The upstream inertia duct consists of regions I and II; the downstream inertia
duct consists of regions IV and V.
4. The upstream inertia duct consists of regions I and II; the downstream inertia
duct consists of region V.
Table A.4 presents the estimates for the engine using the different lumping assumptions.
The estimates show that the inertia ratio should be in the range between 0.37 and
2.45. However, the consistency of assumptions 3 and 4 are doubtful because the
upstream and downstream inertias do not add up to the total duct inertia.
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Assumption Lu/Ld
1 0.37
2 0.89
3 0.51
4 2.45
Table A.4: Estimates of the Inertia Ratio for the LTS-101 Engine.
The "best" estimates for the surge model parameters for the LTS-101 engine at 95
percent speed are thus 3=0.4, Lu/Ld=0.4, and o= 130 Hz.
A.5 Assessment of Modelling Assumptions for LTS-101 Engine
Using the best estimates for the LTS-101 engine model parameters the lumped
parameter assumptions can be assessed, in particular, the negligence of compliance in the
compressor duct and the quasi-steady compressor assumptions . Recall from Chapter 2,
that the following inequality must be satisfied for the compressibility of an unsteady flow
to be neglected:
OR M << 1 (2.1)
The reduced frequency was defined as
CR  cOus (2.2)U
where, cos is a characteristic frequency of the unsteadiness
L is a characteristic length (i.e. duct length)
U is a characteristic velocity (i.e. mean flow velocity in the duct)
For the engine with no control the characteristic frequency of the unsteadiness is
the linear surge frequency. Using the best estimates for the LTS-101 model parameters,
the engine model of Chapter 2 predicts that the surge frequency is roughy 0.55 times the
Helmholtz frequency. This corresponds to a surge frequency of rougly 72 Hz using the
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best estimate for coH. The product of the reduced frequency and Mach number in Eqn. 2.1
is presented for the upstream (defined as regions I and II) and downstream ducts (defined
as region IV) in Table A.5. The reduced frequency for the compressor (defined as
regions III and IV) is also given.
((OR M)R d (( )C
0.3 0.1 1.1
Table A.5: Estimated Reduced Frequencies for LTS-101 Engine (No Control)
For the gas turbine engine with no control, these values indicate that the lumped
parameter modelling of the compressor ducts may be adequate, although the compressor's
unsteady response should be modelled (see Ref. 5). However, if a high bandwidth
actuator is used to modulate the flow in the ducts or the compressor these assumptions
may very well break down.
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Actual Geometry
Model Geometry
... ,. ...... ,.... ,..............
• .......................\ i .................
Pu, Uu, Ac Pd, Ud, Ac
Figure A. 1: Schematic of Compressor Duct Geometries.
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Pu(x), Uu(x), Au(x) Pd(X), Ud(x), Ad(X)
Figure A.2: Cross-Section of Lycoming LTS-101 Helicopter Engine.
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Appendix B
Linearization of Gas Turbine Engine Surge Model
In this appendix the non-linear equations governing the gas turbine engine surge
dynamics are linearized.
B.1 Recap of Non-Linear Governing Equations
The non-linear governing equations previously derived in Chapter 2 are rewritten
here for convenience.
(Momentum Conservation)
(Mass Conservation)
(Energy Conservation)
dWc_. .Ld
dt I
dpB 
_ 1
dT y TB"3
dP 1
dt TB *
c - P )
(W C - WT)
S TOa - W TTB)+ Q (2.32)
The additional relationships needed to solve these equations are also rewritten here for
convenience.
Ec = 7c(WC,CORMtip, 2 )
Oc = Oc (Wc,coR,M tip,2)
WC,COR = pV, P*N1
M M tip,a Mtip,2 tip,a
W (PO, 2 )
(2.13)
(2.14)
(2.35)
(2.36)
(2.37)
(Po2)-
1 dWc
PO,2 =d & -
l+u P
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(2.30)
(2.31)
WT = WTPB (2.
y- 1
T2 = ,2)7 (2.
Y- 1
T 4 =0 C  > (2.1
Using these additional relationships the governing equations can be written in the
39)
38)
11)
following functional form:
(Conservation of Momentum)
(Conservation of Mass)
(Conservation of Energy)
dWc
dr
* dWc
-c 2B,
dpB = F2 (Wc, P, P)
dP k dWdP* = F3 Wc,PB,PB ,d
These are three coupled, first-order, ordinary differential equations which are not only
non-linear functions of the state variables Wc, pB and PB, but also the time derivative,
dWdW, through the effect of the upsteam inertia.
dt
B.2 Linearization
To linearize Eqns. 2.40, 2.41 and 2.42 the equations are first written as implicit
functions.
(Conservation of Momentum)
(Conservation of Mass)
(Conservation of Energy)
G, WCP *' dWc> 0
(WP* dW dG2 c'PB, dc = 0dr
S dW dP
G 3 W c P * 'PY d r ' d r 0
The Implicit Function Theorem from multi-variable calculus [40] is then used to linearize
this system. The resulting linear system of equations are:
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(2.40)
(2.41)
(2.42)
(B.1)
(B.2)
(B.3)
-G w3, W
G
I , dW
-G
2, W
C
+G
dW
3, - C
dxc
G
1, w
G
dW
C
dT
2,P 
B
-G -G
3, p
B
dW
-G
2,P
B
+Gwc
3, -
C3, P
B
G
G
J
1, P
B
dW C
1, J
dr
Wc
^B
PB
Stability of the compression system is determined by the eigenvalues of the A matrix in
the above equation.
The elements of the Jacobian matrix (A matrix) are found by calculating the partial
derivatives of the implicit functions. These derivatives are given below.
(B.5)
aPB
GI
1,\ dWC
d a( WdTC
G2,wc = ( c : ) j
i awd)c
(B.6)
y. *
TB
G2'aG2 1 (WT
2,PB KP B y- T
G2 ,p ap22K P, pB
1 apawT
, 1B B
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(B.4)
W
d
dtFdz P,PK'
C
3
1
a dWCadwcJ
(B.7)
(B.8)
(B.9)
(B.10)
G 3 ,W= 
1 . +WG3,w t aw-T . Oc  c.
c 8We a -B
O p B ToB --
G3,PB = *( ) =   ----T B, TB p
WC
B.
GdW G
3, dWC
dr
- To) B WT + TB
-WC' - - p T B
a- W)(BapC
TTo,4
a(dW
dr
(B.13)
The chain rule is used to find the other partial derivatives required above:
awc c
S lc
( dWC M
dTn;d2 m
aWC,COR
a itip,2p dM ~i,2
(B.14)
(B.15)dPo,2
dt
dr2
aW W dPC,COR ) C,COR 0,2
adWC PO,02 ddwC
S drT dT
TO,4 O,4 C ,4 C
awe anc awe aec awe
Sa TO,4
a6C
a= ,CO R)
ae0c
a( dWC)
dT
aWcCOR
a( dW)
+ aT , airc
a( dWC)
dT
+ C (dMtip,2 dPO
-+ am d 2 0,2 (B.19)
tip,2 dP ,2 d I
d, t
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Taw0,4
aWe
8W(T*) 2)
-
-
- W B . '
B PB
(B.11)
(B.12)
12)
(B.16)
(B.17)
(B.18)aT 0 ,4
dwCD
aec
a( d
dr
(7 + 1) -
2y
aWc,coR _
ap*O,2
dP*
d(dw C
dMtip,2
dPc
i anc
2y Mtip,a
(Y-1) Oc
7 fc
aT 1,4
aoc
TaPO,4
aB,
(= -1) c
Y'
aw je aWC,COR
These equations along with the specif
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stability of the gas turbine engine.
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